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MECHANICS OF 3D COMPOSITES 
Satyajit Das 
This thesis contributes towards understanding of mechanical response of 3D composites and 
ceramics. Composite materials have widespread applications ranging from aerospace, civil sectors 
to sports and drones. One important application is in composite armours where composites and 
ceramic layers are used together. Therefore, it is important to study the mechanical response of 
these components to develop better armour systems. The first part of this thesis concerns with 
dynamic penetration response of confined ceramic targets. In the second part, mechanics of a novel 
3D composite consisting of orthogonal carbon fibre tows is studied.  
The dynamic penetration of ceramic target by a long-rod projectile is studied using a mechanism 
based ceramic constitutive model. This is to capture and explain the essential physics observed 
during penetration of a ceramic target such as dwell and structural size effect. Dwell is captured 
using the constitutive model and the related physics is studied along with identification of causes 
of dwell. Origins of structural size effect in ceramics are identified and their influences are studied.  
In the second part of the thesis a novel 3D composite consisting of three mutually perpendicular 
orthogonal tows is studied under compression, indentation and three-point bending. Under 
compression along low fibre volume fraction direction (𝑍), the 3D composite forms stable and 
multiple kinks in the 𝑍 tows resulting in 10% ductility. This contrasts with traditional UD or 2D 
composites which fail catastrophically at 2% strain. The stability in the case of the 3D composite 
is due to the constraint imposed by the surrounding material. Under indentation, the 3D composite 
has a near isotropic and ductile response. In contrast, traditional cross-ply composites show highly 
anisotropic response where indentation results in brittle failure along in-plane direction. Under 
three-point bending, the response was ductile in 𝑍-direction and brittle in other two directions. 
Overall, the 3D composite studied in this thesis shows improvement over traditional CFRPs in 
ductility and energy absorption capability. The 3D composite has been demonstrated to have 
smooth load-displacement curves reminiscent to indentation of metal in all three directions 
achieved at densities significantly lower than structural metals that display equivalent ductility. 
Thus, these 3D composites are strong candidates for applications where loading direction is 
unknown a-priori, and where high energy absorption is required along with reusability of the 
material.   
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Summary 
This thesis contributes towards understanding of mechanical response of three dimensional (3D) 
composites and ceramics. Composite materials have widespread applications ranging from 
aerospace, civil sectors to sports and drones. One important application is in composite armours 
where composites and ceramic layers are used together. Therefore, it is important to study the 
mechanical response of these components to develop better armour systems.  
The objectives of the thesis are: (i) understand the penetration response of confined ceramic 
targets, (ii) study the mechanics of a novel 3D composite having orthogonally oriented non-woven 
fibre tows in compression, indentation and bending, and also to explore suitability of the 3D 
composite in practical applications compared to pre-existing composites. The first part of this 
thesis (Chapter 3) concerns with dynamic penetration response of confined ceramic targets. In the 
second part (Chapter 4-6), mechanics of a novel 3D composite consisting of orthogonally oriented 
carbon fibre tows is studied.  
The dynamic penetration of ceramic target (Alumina) by a long-rod projectile is studied using a 
mechanism based ceramic constitutive model. This is to capture and explain the essential physics 
observed during penetration of a ceramic target. The constitutive model incorporates three 
mechanisms of inelastic deformation as: lattice plasticity through movement of dislocations, 
microcracking and granular plasticity which is a result of comminuted ceramic particles moving, 
sliding or rotating past each other. When a long-rod projectile imparts a ceramic target, it can either 
penetrate or get defeated on the surface of the ceramic depending on the velocity of impact being 
higher or lower respectively than a transition velocity. At a velocity slightly above the transition 
velocity, the projectile gets defeated for a short time (of the order of micro seconds) before 
penetrating. This phenomenon is called as dwell which is a commonly observed phenomenon in 
ceramic penetration. In the first part of the thesis, this dwell phenomenon is captured using the 
constitutive model and the related physics is studied. These include: increase of dwell time with 
increase in target size, dwell without damage in the target and increase in penetration with increase 
in projectile radius. In addition, it is shown that dwell can also occur without the so-called fluid 
structure interaction effect which is a result of backflow of the debris of impacting projectile.  
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Ceramics show structural size effect when the size of both the target and projectile are scaled down 
in a geometrically self-similar manner. This size effect is captured and origins of this size effect 
have been identified. Also, the individual impact of these sources of size effect on overall 
performance is studied. Finally, the influence of fundamental material properties such as strength 
and fracture toughness on penetration performance is parametrically studied. These predictions 
suggest that increasing the strength rather than toughness of Corbit-98 Alumina will have a better 
influence on its penetration performance.  
In the second part of the thesis a novel 3D composite consisting of three mutually perpendicular 
orthogonal tows is studied under compression, indentation and three-point bending. This 3D 
composite is fabricated using a technique called noobing which results in tows having significantly 
less misalignments compared to most other previously studied 3D composites.  
Under compression along low fibre volume fraction direction (Z-direction), the 3D composite 
forms stable and multiple kinks in the tows aligned in loading direction. This contrasts with 
traditional unidirectional or 2D composites which fail catastrophically after formation of kinks 
which become unstable resulting in ductility of about 2%. The stability in the case of the 3D 
composite is due to the constraint imposed by the surrounding material. The formation of the kinks 
begins around 2% strain which is well predicted by traditional microbuckling theories. However, 
unlike traditional CFRPs these 3D composites show stable strain hardening along with formation 
of zigzag kink bands. Finite element (FE) calculations predict both the compressive response and 
the observed deformation modes. Also, they confirmed that the eventual loss of load carrying 
capacity in compression results from compressive failure of material surrounding the tows aligned 
with the compression direction.  
Under indentation, the 3D composite has a near isotropic and ductile response. The deformation 
mode includes multiple kink band formation in the tows aligned in loading direction and shearing 
of orthogonally oriented tows. In contrast, traditional cross-ply composites show highly 
anisotropic response where indentation results in either brittle tensile fracture of the plies or 
delamination failure depending on the indentation direction.  Under three-point bending performed 
on beams made of the 3D composite, the response was ductile in Z-direction. This was due to 
arrest of shear cracks at the Z-direction tow interfaces and deviation of cracks at other interface 
boundaries. The response in other two directions were brittle.  
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Overall, the 3D composite studied in this thesis shows improvement over traditional CFRPs in 
certain cases. Compressive ductility of 10% along Z-direction with reasonably high strength shows 
its energy absorption capability in compression. Traditional state-of-the art cross-ply carbon fibre 
composites and ultra-high molecular weight polyethelene composites although have high 
performance in out of plane direction, they are extremely brittle along in-plane direction due to 
delamination. The 3D composite has been demonstrated to have smooth load-displacement curves 
reminiscent of indentation of metal in all three directions. No delamination occurs for a large 
indentation displacement thereby maintaining structural integrity. Moreover, these metal-like 
responses are achieved at densities significantly lower than structural metals that display 
equivalent ductility. Thus, these 3D composites are strong candidates for applications where 
loading direction is unknown a-priori, and where high energy absorption is required along with 
reusability of the material.   
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Nomenclature 
𝑣0 - Impact velocity on projectile 
𝑣𝑐 -  Critical velocity above which the projectile penetrates into target  
𝑎 – Radius of long-rod projectile 
𝐿 – Radius of cylindrical ceramic target 
𝐻 – Height of cylindrical ceramic target 
ℎ - Casing thickness 
𝑟  - Radial co-ordinate 
𝑝 – Applied pressure on ceramic target 
𝜌𝑝 – Density of projectile 
𝐹𝐷 – Total downward force applied by projectile 
𝜀?̇?𝑗 – Total strain rate of ceramic 
𝜀?̇?𝑗
𝑒  – Elastic strain rate of ceramic 
𝜀?̇?𝑗
𝑝
 – Lattice plasticity strain rate of ceramic 
𝜀?̇?𝑗
𝑔
 – Granular plasticity strain rate of ceramic 
𝐺 – Shear modulus of ceramic 
𝜈 – Poisson’s ratio of ceramic 
𝜎𝑒 – von-Mises effective stress of ceramic 
𝜀0̇ – Lattice plasticity reference strain rate 
𝜀?̇? – Strain rate to transition to phonon drag regime 
𝑛 – Lattice plasticity strain rate sensitivity exponent 
𝜀𝑒
𝑝
 – Equivalent lattice plasticity strain  
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𝜎𝑌 – Uniaxial yield strength of ceramic 
𝑀 – Strain hardening exponent 
𝜂 – Phonon drag viscosity  
𝜎0 – Flow strength 
ℓ𝑝 – Lattice plasticity length scale 
𝜌 – Density of ceramic 
𝑓 – Number of microcracks per unit volume 
𝑙 – Wing crack length 
𝐷 – Current level of damage 
𝐷0 – Initial damage 
𝑐 – Initial flaw radius 
𝛼 – Flaw orientation factor 
𝐾𝐼 – Mode-I stress intensity factor 
𝐾𝐼𝐶 – Fracture toughness 
𝜎𝑚 – Mean stress 
𝜆 – Triaxiality  
?̂? – Granular plasticity effective stress 
𝜔 – Granular plasticity friction angle 
𝛴𝑐 – Granular plasticity uniaxial compressive strength 
𝑚 – Rate exponent for crack growth 
𝜀?̇? – Granular plasticity reference strain rate 
𝑠 – Granular plasticity rate exponent 
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CHAPTER ONE 
1    Introduction 
 
Due to their excellent strength and stiffness-to-weight ratios carbon fibre reinforced polymer 
(CFRP) composite materials have seen rapid rise in their applications in the recent decades. These 
include tennis rackets, aeroplanes, race cars and more recently drones. They are also used in 
armour systems. ‘Composite armours’ are made of fibre reinforced polymer composites and 
ceramics [1] which can be in form of laminated material. Front facing layer of the armour is 
typically made of ceramics like alumina mainly to abrade and blunt the incoming projectile. The 
second layer or backing layer normally deforms and absorbs the energy. Originally backing layers 
used to be in form of light metal such as aluminium, but recently fibre reinforced composites have 
emerged as better alternatives to provide best combination of energy absorption and weight [2]. 
To design better composite armours it is therefore important to study the responses of both the 
constituent materials. This thesis has two parts: first, penetration of confined ceramic targets is 
studied along with study of two related commonly observed phenomena (Chapter 3). Next, 
mechanics of a three dimensional (3D) composite is studied (Chapter 4-6). To understand ballistic 
or impact response of a material it is important to understand its quasi-static responses first such 
as quasi-static compression, indentation and bending to get better understanding of sequence of 
damage evolution and propagation. In this thesis, the 3D composite’s response in compression, 
indentation and three-point bending is experimentally studied along with modelling.  
In this chapter, ceramics and composite materials are briefly introduced in the following sections 
and eventually an outline of the thesis is given.  
 
1.1 Impact of Ceramics 
Ceramic materials have been used as lightweight armour materials for more than four decades. For 
example, opaque ceramic based armours are currently used to enhance protection of US soldiers 
and vehicles [3].  Because of its high hardness, a ceramic is able to deform, break and fragment an 
impacting projectile. For this thesis, we only consider impact of long-rod projectiles. Various 
interesting physics come into play when a long-rod projectile impacts a ceramic target such as 
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(i)unsteady penetration behaviour where the projectile erodes on the surface for few microseconds 
before penetrating [4], (ii) smaller targets perform better when the geometry of projectile and target 
are scaled proportionately [5]. This thesis studies these phenomena during impact of ceramics for 
the case of alumina(Al2O3) which is one of the common ceramic materials used as armour. The 
study has been performed using an improved version of the ceramic constitutive model of 
Deshpande et al. [6].  
 
1.2 Composite materials 
Composite materials are made by combining two or more constituent materials (metal, ceramics 
or polymers) arranged in certain configuration (fibre or particle reinforcement) such that overall 
the material possesses enhanced mechanical properties. Fibre reinforced composites have 
widespread applications in modern world. Typically, a polymer matrix is reinforced with high 
tensile strength fibres of carbon or glass resulting in high strength composite at lower weight 
compared to metals. When the reinforcement is in the form of carbon fibre, the composite is termed 
as carbon fibre reinforced polymer or CFRP. Global CFRP demand is in the excess of 110 kilo 
tonnes1 with applications in aerospace sector, automotive, sports, marine and civil engineering as 
shown in Figure 1.1. Tailoring of fibre architecture in CFRPs has been performed to improve the 
multi-directional properties. Out of plane reinforcements of 2D composites are done through 
various fabrication techniques to make 3D composites which have more structural integrity in 
resisting load in multiple directions. A 3D composite produced using one of such techniques which 
results in fibre bundles aligned in orthogonal directions is the present topic of interest. This thesis 
attempts to study the mechanical behaviour of such 3D composite by experiments and finite 
element simulations, and explores its potential as a suitable material for applications where 
direction of loading is not certain.  
 
                                                          
1 https://www.carbon-composites.eu/media/2307/cfrp-market-report-ec-2016-kuehnel-freigabe.pdf 
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Figure 1.1: Annual global Carbon composite demand in kilo tonnes (kt) by application in 2015 2 
1.3 Thesis objectives 
This thesis aims to contribute towards the understanding of materials having potential applications 
in armours or other lightweight applications where direction of loading is not certain. The specific 
objectives are:  
(i) to understand the penetration response of confined ceramic targets,  
 
(ii) to study the mechanics of a novel 3D composite having orthogonally oriented non-woven fibre 
tows under compression, indentation and bending, and also to explore suitability of the 3D 
composite in practical applications compared to pre-existing composites.  
The first objective is achieved by using a mechanism based ceramic constitutive model to simulate 
penetration of confined ceramic targets. For the second objective, experiments and finite element 
simulations of the 3D non-woven composite are performed in compression, indentation and 
bending scenarios. In addition, destructive and/or non-destructive imaging were performed to 
understand the deformation mechanisms in each case. Its indentation performance is compared to 
that of a 2D cross-ply composite highlighting the differences in deformation mechanism as well 
as advantages over it.  
                                                          
2 https://www.carbon-composites.eu/media/2307/cfrp-market-report-ec-2016-kuehnel-freigabe.pdf 
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1.4  Thesis outline 
Chapter 2 reviews the existing literature and is divided into two main parts. The first part describes 
current understanding of penetration of ceramic targets by long-rod projectiles. In the second part, 
mechanical behaviour of composite materials is reviewed. This includes current 3D composites 
and their pros and cons.  
Chapter 3 presents simulation of dynamic penetration of confined ceramic targets using a 
mechanism based ceramic constitutive model. The calculations have been shown to capture 
commonly observed physics with reasonable fidelity. Effect of fundamental material properties on 
penetration performance is explored.  
Chapter 4 contains compression experiments of the 3D non-woven composite.  Its response is 
ductile along the lower fibre volume fraction direction which is in contrast to traditional 
unidirectional and 2D composites. However brittle response is observed during compression in 
other directions. Its understanding is improved using finite element calculations.  
Chapter 5 studies back-supported indentation response of the 3D composite and explores the 
related deformation mechanisms. The same experiment is also performed for a traditional 2D 
cross-ply composite for comparison. The 3D composite performs in a nearly isotropic manner as 
opposed to the traditional 2D cross-ply composite.  
In Chapter 6, three-point bending response of beams made of the 3D composite is studied in three 
different directions.  
Finally, Chapter 7 contains conclusions based on the finding and suggestions for future work.  
 
1.5 Published work 
A publication for Chapter 3 has been published in Extreme Mechanics Letters. Publication on 
Chapter 4 has been published in International Journal of Solids and Structures. Finally, a 
publication on Chapter 5 has been published in Journal of Materials Research.  
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CHAPTER TWO 
2    Literature Review 
 
Synopsis 
In this chapter, first, an overview of existing literature on penetration of ceramic targets is given. 
This includes commonly observed phenomenon such as interface defeat, dwell and structural size 
effect. This is followed by a brief review of existing modelling techniques of ceramic impact. In 
the second part of the chapter, mechanical behaviour of composites is briefly described. First 
unidirectional composites and their responses are mentioned followed by more discussion on three 
dimensional (3D) composites. Existing 3D composites, their fabrication and performance are 
reviewed and typical limitations are identified.  
 
2.1 Impact of ceramic materials 
Ceramics are inorganic and non-metallic solids made of metal and non-metal atoms held in ionic 
or covalent bonds. They have been widely used as household objects and engineering applications 
for hundreds of years. Ceramics are candidate materials for certain engine components (e.g. turbine 
blades) and aircraft engine containment systems due to their superior properties in high 
temperature. One of the important applications of ceramics is for armour protection (for vehicle 
and soldiers) because of their lightweight, high hardness and other intrinsic properties [1]. Key job 
of a ceramic armour is to induce fragmentation in the impacting projectile or to induce erosion 
thereby redirecting and dispersing the kinetic energy [2]. Therefore, it is important to study the 
impact of ceramic materials to understand their ballistic properties and help design in better armour 
systems.  
Typical time vs penetration depth behaviour of a ceramic subjected to a high velocity metal long 
rod projectile is characterized by three cases depending on the impact velocity, v of projectile 
(Figure 2.1) [3]. Below a critical velocity (vc), the metallic long rod erodes completely on the 
surface of the ceramic without significant penetration. This phenomenon is referred to as ‘interface 
defeat’. For velocities slightly higher than vc, a brief projectile defeat followed by penetration can 
7 
 
be observed. Since the projectile dwells on the target surface for some time (of the order of ten to 
hundred micro seconds) before penetrating, this phenomenon is termed as ‘dwell’ and the time for 
which the defeat is sustained is called ‘dwell time’. As the impact velocity increases well beyond 
vc, the dwell times become too small to be measured and the projectile only shows ‘penetration’.   
 
Figure 2.1: Sketches illustrating penetration of ceramic targets by long rod projectiles. There are three 
penetration regimes depending on projectile impact velocity v. (a) For v < vc , projectile erodes on the 
surface of the target without any noticeable penetration. This regime is termed as “Interface Defeat”(ID). 
(b) For v slightly greater than vc the projectile gets defeated on the surface of the target for sometime before 
penetrating. This phenomenon is termed as “Dwell” and the time for which the defeat is sustained is termed 
as “Dwell Time” (c) For v >> vc the projectile penetrates into the target with much shorter dwell time. (d) 
Sketch of a typical penetration depth vs time curves for the case (a)-(c). Adapted from [3]. 
2.1.1 Experimental observation of dwell during impact of ceramic targets 
In this thesis impact of only long rod projectiles on thick or semi-infinite ceramic targets are of 
interest. This is because dwell is mainly observed in case of long rod impacts and also the reaction 
times are long enough for ease of interpretation of experimental results. First experimental 
evidence of dwell was given by Wilkins and co-workers in 1967-1969 [4,5]. Monolithic hard steel 
projectile was impacted on boron carbide tile. The projectile eroded on the surface and got defeated 
between 16 and 19 μs after which penetration occurred (Figure 2.2).  
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Figure 2.2: Flash x-ray shadowgraphs showing impact of steel projectile on boron carbide tiles backed by 
aluminium plate. Dwell can be seen between 16 and 19 micro seconds. [4] 
Extensive research on dwell in ceramic penetration has been done at FOI in Sweden after its first 
observation in 1987 [6].  Lundberg et al. [7] impacted metallic projectiles on ceramic targets in 
order to investigate transition between interface defeat and penetration. They used two projectile 
materials (tungsten and molybdenum) and five ceramic materials. From the experimentally 
observed time-resolved penetration curves (Figure 2.3), it can be seen that all the projectile-target 
combinations followed a similar ballistic pattern. At lower velocities, there is mostly interface 
defeat which can be seen as a plateau in the penetration curve. As velocities increase the slopes 
keep increasing thereby showing unsteady deformation behaviour or dwell. It can be concluded 
that as the impact velocity increases, dwell time decreases and vice-versa.  
 
9 
 
 
Figure 2.3: Penetration vs time plots for (a) Tungsten projectile and SiC target, (b) tungsten projectile and 
TiB2 target, (c) tungsten projectile and Syndie target, and (d) Molybdenum projectile and SiC target. All 
the results show evidence of dwell followed by penetration. The tests are labelled with impact velocity in 
m/s and test number in parenthesis. [7] 
During the phenomenon of dwell, the impacting projectile flows radially outward or erodes along 
the surface of the target without any significant penetration. When the stresses at the projectile-
target interface exceed the elastic limit of the projectile, a plastic region is formed in the projectile 
which makes the material flow out radially and thus decreasing the length of the projectile. Thus 
the projectile loses kinetic energy due to loss of mass and deceleration [5].  
 
2.1.2 Properties of dwell 
Two aspects of dwell are of interest here: (i) cause of dwell and (ii) dependence of dwell time on 
the size of the target and velocity of indenter.  
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Traditionally dwell time refers to the time it takes for the ceramic to transition from its intact to 
comminuted form [1]. With increase in impact velocity, damage in the ceramics which relaxes the 
self-confining condition may occur which leads to reduction of compressive strength and 
subsequent penetration. Also, if the comminuted region extends to a free surface, it becomes 
unconfined and unconstrained and thereby causing penetration.  This is the most widely used 
explanation for the phenomenon of dwell and is termed as cracking-induced loss of penetration 
resistance. However, this explanation may not always hold true. Although comminuted zones were 
observed in Titanium Carbide (TiC), Silicon Carbide (SiC) and Titanium Bromide (TiB2), no 
comminution was observed in the case of Tungsten Carbide (WC) as shown in Figure 2.4 [8].  
 
 
Figure 2.4: Polished crossections of recovered ceramics impacted by tungsten long-rod projectiles at 
impact velocities of 1.6km/s: (a) TiC, (b) SiC, (c) TiB2 and (d) WC [8]. 
Another noteworthy property associated with dwell is its dependence on target size. It is important 
to optimize the size of the ceramic armour based on the performance needs. Too big a size may 
not be cost effective and too small a size may not meet the desired requirements. Hazell et al. [2] 
conducted ballistic experiments using ceramic tiles of different sizes. They showed that the smaller 
ceramic targets were penetrated more compared to larger ones due to their proximity to the radial 
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boundary. Also, the larger targets showed higher dwell time compared to smaller target by virtue 
of retention of comminuted ceramic. This is due to the inertial confinement offered by larger tile 
which results in increased pressure and thus increased strength. Thoma et al. [9] conducted impact 
experiments using the same projectile and velocity with two different sized ceramic targets 
consisting of B4C and alumina. The smaller target showed dwell followed by penetration whereas 
the larger target showed interface defeat which is equivalent to infinite dwell time. Although the 
backing plate’s dimension is expected to have contributed towards enhanced performance. These 
are shown in Figure 2.5 and Figure 2.6.  
 
Figure 2.5: Flash X-ray photographs of 7.62mm AP projectile on 9mm B4C /6mm Al target at 845 m/s. 
Here projectile penetrates. [9] 
 
Figure 2.6: Flash X-ray photographs of 7.62mm AP projectile on 10mm B4C / 10mm Al target at 845 m/s. 
Here projectile stops. [9] 
Penetration effect on size can be studied by comparing the works of Andersson et al. [10] and 
Holmquist[11] . Andersson et al. [10] conducted reverse ballistic experiments in which silicon 
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carbide cylinders of diameter 20mm and length 20mm were launched against stationary tungsten 
alloy projectiles of length 120mm and diameter 2mm. The target consisted of the ceramic, a 
supporting steel backing and a circular cupper cover of diameter 20mm and thickness 0.5mm. 
They found that without confinement, the transition velocity is around 1027m/s. With the help of 
cone crack modelling, they argued that scale of the projectile changes the surface load needed to 
extend a cone crack to a given length. Based on the model, crack resistance of the ceramic material 
decreases with increasing scale in contrast to otherwise scale invariant elastic stress field. They 
showed via simulation that as the projectile radius increases, cone crack length also increases and 
thereby having more severe penetration damage.  These results were consistent with the 
experimental data presented by Holmquist et al. [11]. They conducted reverse ballistic experiments 
on unconfined silicon carbide cylinder of length 40mm and diameter 15mm with a cupper buffer 
of height 3mm and diameter 1.5mm. The projectiles were made of gold rod of 30mm length and 
0.75mm in diameter. They found that there was no penetration up to 1620 m/s. Their projectile 
radius was 0.75mm compared to 2mm in case of Andersson et al. [10]. So, this gives an idea of 
the fact that as projectile scale or its radius decreases compared to the target, the corresponding 
transition velocity increases which means it gets harder for the projectile to cause penetration.  
A more direct comparison of performance of a target with respect to change in projectile radius 
has been done by Subramanian and Bless [12]. They impacted confined Alumina targets with 
tungsten long rod projectiles. The experimental setup is shown in Figure 2.8. When the radius of 
the projectile was doubled from 0.4 mm to 0.8 mm keeping all other dimensions constant, the 
resulting penetration was much more severe compared to the original case. The radial confinement 
is no longer the same in this case which is the reason behind more penetration. This radial 
confinement can be quantified in terms of ratio of target radius to projectile radius. As this ratio of 
target radius to projectile radius decreases, the damage caused by the projectile can significantly 
increase[12]. This has important implications during armour designs and tests. 
Based on the above results, it can be concluded that the size of the ceramic target plays an important 
role in the ballistic performance and it can affect the dwell time significantly. Bigger sizes may 
result in longer dwell times. Also, the size of the target with respect to the projectile size is a key 
geometrical parameter.  
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Figure 2.7: SiC target, Cu buffer and Gold projectile geometries for experiments of Holmquist et al. [11]. 
 
Figure 2.8: Confined Alumina target for impact testing by Tungsten projectile.(All dimensions in mm)[12].  
One of the mechanisms governing the dwell phenomenon is fluid structure interaction (FSI) effect 
shown by Uth and Deshpande [3]. They used a scaled analog experiment in which a low speed 
water jet was impacted on a soft, translucent target material. Because the target material was soft, 
there was no cracking. But they still observed dwell phenomenon. This was explained as following. 
During the initial phase, as the water jet keeps on impacting the soft target surface, the target 
surface eventually gets deformed. Due to this deformation, the flow of the impacting jet is reversed 
and this reversal is associated with increase in the force exerted by the jet on the target. This is 
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when the penetration starts to increase which corresponds to the end of dwell. This FSI effect was 
confirmed by performing controlled creep penetration experiments which resulted in penetration 
versus time curves similar to conventional creep indentation tests showing constant rate of 
penetration. The penetration depth versus time curves are shown in Figure 2.9. The study 
concludes that dwell followed by penetration can occur in a non-cracking material due to flow 
reversal.  
 
 
Figure 2.9: Comparison between jet flow and controlled creep experiments on soft target material. In case 
I both show similar penetration-time response whereas in case II there is a sudden acceleration of the 
penetration for the case of jet flow corresponding to back flow. In case III the backflow occurs at the very 
beginning thereby causing very high penetration at the onset of the experiment right after the elastic regime. 
However, in all cases controlled creep experiment shows steady penetration rate. [3] 
 
2.1.3 Structural size effect in ceramics 
Ballistic experiments are usually studied at a reduced length scale to simplify handling and 
decrease costs. So eventually they need to be somehow extrapolated by scaling laws to predict the 
behaviour at higher length scales. When all the geometrical length scales are scaled uniformly 
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keeping materials and impact velocities the same, this is called as replica scaling. Lundberg et al. 
[13] tested the validity of replica scaling by firing long tungsten projectiles with length to diameter 
ratio of 15 against unconfined alumina targets with steel backing. Three different projectile lengths 
of 30, 75 and 150mm (diameter 2, 5, 10mm respectively) were used. The dimensions of the targets 
and steel backings in terms of the projectile diameters are as shown in the Figure 2.10.  
 
Figure 2.10: Steel backing and alumina target (shaded) used for velocities of (a) 1500m/s and (b) 2500 m/s. 
(C) Tungsten projectile to validate replica scaling. All dimensions are in terms of the projectile 
diameter.[13]  
Over the tested scale interval, replica scaling was found to be valid with reasonable accuracy. This 
can be seen in the Figure 2.11 where normalized penetration with respect to length scale always 
remains more or less the same irrespective of the scale for all the ranges considered.  
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Figure 2.11: Measured and computed normalized penetration depth vs projectile length which shows 
replica scaling is reasonably accurate over the considered length scale. [13] 
However, at smaller length scales replica scaling does not hold true. Lundberg et al. [14] studied 
experimentally as well as theoretically the influence of length scale on critical velocity vc which 
represents the transition from interface defeat to penetration in case of unconfined ceramic targets. 
Their scale regime was smaller: projectile radius was from 0.25mm to 2.5mm and lengths ranged 
from 40mm to 220mm. The geometrically self-similar targets along with the buffer dimensions 
were as shown in Figure 2.12. The ceramic to projectile diameter ratios were 10:1. They found out 
that as the size decreases the transition velocity vc increases and thereby showing a ‘smaller is 
stronger’ size effect (Figure 2.13). Their analytical model was based on the assumption that 
transition from interface defeat to penetration is controlled by growth of the cone crack to a critical 
length. Based on the model, projectile pressure at transition was found to be proportional to one 
over square root of the length scale. Since the crack resistance increases with decreasing length 
scale, they concluded that crack extension in smaller length scale would require a stronger stress 
field in order to propagate. However, no full-scale penetration calculations have been reported till 
date to investigate origins of this size effect which is one of the focus in this thesis.  
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Figure 2.12: Dimensions of ceramic targets and cupper buffers in mm used by Lundberg et al. [14].  
 
 
 
Figure 2.13: Transition (critical) velocity vs length scale as projectile radius. As the size decreases the 
transition velocity increases showing a ‘smaller is stronger’ size effect. Solid line represents analytical 
prediction. Adapted from [14]. 
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2.1.4 Models for ceramic impact  
Experimental testings usually have limited scope given the large design space. Therefore, the most 
efficient way of designing and analysing new armour systems is through the use of computational 
model. A review of the computational ceramic armour modelling is given by Anderson [15]. A 
computational model should be able to capture all the essential features of any observed 
phenomena and should provide reasonable agreement with experiments. Model parameters should 
be connected to physical parameters or material properties and if possible these parameters should 
be determined from independent laboratory experiments. However, sometimes it might be 
necessary to conduct parametric simulations to determine the value of a model parameter by 
matching with the ballistic experiments. Once determined, the same set of parameters should be 
applicable to a variety of experiments. The most widely used models are by Johnson and Holmquist 
who have proposed 3 versions of their model, namely JH-1 [16], JH-2 [17] and JHB [18] models. 
The JH-1 and JHB models are ‘dual state’ models meaning that two separate curves are used to 
describe the strength of the intact and failed ceramics. One of the primary differences between JH-
1 and JH-2 models is that JH-2 model allows the strength to degrade gradually with the 
accumulation of damage rather than soften/fail instantaneously after it is fully damaged as is done 
in JH-1 model [17,19]. JHB model is an extension to JH-1 model and is able to incorporate phase 
change as in the case of aluminium nitride. JH-1 model [20] was successfully implemented to 
capture dwell phenomenon of SiC-B as observed by Lundberg et al [7] shown in Figure 2.14.  
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Figure 2.14: Comparison of computational results using JH-1 model and experimental results of dwell for 
tungsten and molybdenum rods impacting a confined silicon carbide target at various velocities. (a) Initial 
2D geometry and (b) comparison of computed and experimental results. [7] 
 
One of the shortcomings of the JH models is that for a particular material one of the JH-1, JH-2 
and JHB models have to be chosen depending on which explains the behaviour better. For 
example, in case of SiC-B, the JH-1 model appeared to be better suited to represent the strength 
and interface defeat characteristics of SiC-B since JH-2 model with gradual softening did not 
provide constant target resistance required for dwell and interface defeat. In comparison to this, 
material like Boron Carbide exhibits gradual softening, so JH-1 model is unsuitable for this. Also 
since JH-1 model involves a jump condition between intact and fractured material, it caused 
problems during numerical implementations as material tended to heal itself [17]. In addition, the 
JH models have multiple coefficients and exponents which require calibration through dynamic 
measurements and do not incorporate any microstructural characteristics such as grain size. The 
JH models are unable to link the penetration performance of ceramics with fundamental material 
properties such as hardness and toughness. Therefore, a model is necessary which not only can 
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capture interface defeat and dwell in penetration experiments but also can give insight to the 
underlying acting mechanisms which could be understood in terms of fundamental material 
properties.  
Recently Deshpande et al. [21] presented a unified model for the dynamic response of ceramics 
under compressive stress states. Their model incorporated three principal deformation 
mechanisms: (i) lattice plasticity due to movement of dislocations [22], (ii) microcrack evolution 
from pre-existing flaws [23] and (iii) granular flow of densely packed comminuted or failed 
ceramic particles. Here details of some models which contributed towards understanding and 
modelling these deformation mechanisms are discussed along with related limitations. 
Lattice plasticity usually occurs when the confining pressure is sufficiently high. At room 
temperature, the motion of the dislocations is limited by lattice resistance. As per Frost and Ashby 
[22] the lattice resistance is largely rate independent until the velocity of dislocations reaches a 
value limited by phonon drag. In single crystals, slip usually occurs without strain-hardening 
whereas some strain hardening occurs in polycrystals due to the slips getting blocked by grain 
boundaries. Strain hardening here was characterized by conventional power law and associated 
flow rule was assumed. Microcrack evolution was an extension of the work of Ashby and Hallam 
[23] who analysed the growth of a crack in a brittle solid from an initially inclined flaw and 
examined the conditions under which an array of such cracks interact. This work was subsequently 
developed to a simpler model based on mechanics of brittle fracture by Ashby and Sammis [24]. 
They focused mainly on mechanics of compressive brittle fracture as tensile fracture was relatively 
simpler and well understood. When a brittle solid is loaded to failure it does so by propagation of 
cracks. The difference between tensile and compressive failure is that in tension a single crack can 
grow unstably and once it grows it accelerates across the sample to cause failure. In compression 
however a number of small cracks initially extend stably as the stress is raised. Eventually they 
interact with each other to give final failure. This is usually the reason why the strength of brittle 
materials under compression is more than in tension (usually by a factor of 10). Simple axial or 
radial compression cause few cracks to propagate and combine to give failure on planes parallel 
to maximum compressive stress. Intermediate confining pressure prevents unlimited crack growth 
and failure occurs by interaction of cracks to give microscopic shear failure. Larger confining 
pressure limits the growth of individual cracks further and the sample deforms in pseudo-ductile 
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way with the large scale deformation taken up by the short homogenously distributed micro cracks. 
These mechanisms are illustrated in Figure 2.15. The model of Ashby and Sammis [24] was based 
on growth of wing cracks and the interaction between them. They introduced the definition of 
damage variable while developing a physical model for crack initiation and evolution under 
compressive stress states both in 2D and 3D. Damage was defined by multiplying the number of 
cracks per unit area in 2D (unit volume in case of 3D) with crack density. This made the model 
able to incorporate microstructure into its formulation as the initial crack size scales with grain 
size.  
 
 
Figure 2.15: (a) and (d) show the case where cracks propagate parallel to principal compression, (b) failure 
by aggregation of cracks to form a shear zone in case of intermediate confining pressure, (c) pseudo-ductile 
deformation by distributed microcracking in case of large confining pressure. [24] 
Deshpande and Evans [25] (DE) generalized the models of Ashby and Sammis [24] to arbitrary 
stress states. They incorporated degradation of modulus as the damage increases. By doing this 
along with incorporating plasticity, they were able to capture the effect of triaxiality (defined by 
ratio between mean stress and effective stress) on the deformation mechanisms such as: transition 
from deformation by micro-cracking at low triaxiality to plastic slip at high (more negative) 
triaxialities. The ceramic material exhibited high shear strength at high (more negative) triaxialities 
even when micro-cracked. Spherical cavity expansion calculations revealed that quasi-static 
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indentation response is sensitive to grain size whereas dynamic performance governed largely by 
plasticity is insensitive to grain size. The constitutive law embodying the mechanisms of lattice 
plasticity and microcracking was successfully used to simulate influence of grain size, strength 
and toughness on the plastic deformations and damage occurring in polycrystalline alumina upon 
impact of hard spherical projectile [26] as well as quasi-static penetration by hard sphere [27]. The 
model was able to replicate mechanism transition from plasticity controlled at small grain sizes to 
micro-crack controlled at large grain sizes in case of quasi-static penetration. The limitation of the 
DE model was that once the damage becomes saturated (i.e. when microcracks have coalesced) 
the mechanical response beyond that point was not addressed.  Deshpande et al. [21] proposed an 
approach to represent the behaviour of damage saturated ceramic. Combined with lattice plasticity 
and microcracking this is from now on termed as the unified DE model. The fully comminuted 
ceramic consists of grain-sized particles bounded by narrow separation. When subjected to 
compressive or shear loading, the particles can rotate or slide past one another, a phenomenon 
termed as granular plasticity. Fully comminuted ceramic has a small yield strength governed by 
friction between particles. Its yield criteria is similar to Drucker-Prager yield criteria [28] in 
granular media which is a pressure dependent yield criteria depicted by an inclined straight-line in 
the space of equivalent stress (σe) and hydrostatic stress (σm). On the other hand, the yield surface 
corresponding to the lattice plasticity is depicted by a constant equivalent stress. The transition 
between the two yield surfaces is shown in Figure 2.16. Yield at each level of damage is 
characterized by an inclined sloping line all of which are assumed to intercept the yield line 
corresponding to lattice plasticity at the same point. Once the full comminution has occurred, the 
inelastic deformation can only occur via lattice plasticity by movement of dislocations or granular 
plasticity of comminuted particles.  
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Figure 2.16: Yield surfaces for lattice and granular plasticity. The transition surfaces correspond to each 
level of damage. [21] 
The unified DE model had couple of limitations. First, since the model involved damage and 
softening the simulations are mesh sensitive. Second, according to this model, granular flow at a 
certain point can be active when the damage at that point reaches a value of 1. However in reality, 
a number of particles have to be formed and interact to initiate the granular flow. This is simply 
not possible by presence of only one or a few particles. Thus, granular flow should only be allowed 
to occur if the damage is 1 over a finite size region rather than just a local material point. These 
improvements are addressed in a new model which is discussed in the present thesis.  
   
2.1.5 Concluding remarks  
Better understanding of interface defeat and dwell might lead to improved armour systems. 
Commonly accepted explanations of dwell phenomenon include cracking induced loss of 
penetration resistance and FSI effect. Above certain transition velocity, the comminuted zone 
under the projectile extends to the outer surface and thus is unconfined resulting in penetration. 
Dwell time is generally accepted to be the time it takes for the material to go from intact to 
comminuted or failed form. However, since not all ceramic materials undergo comminution, other 
mechanisms apart from cracking might also be controlling the transition from interface defeat to 
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dwell followed by penetration. Also, it remains unclear if FSI effect is necessary for dwell to occur 
in case of a non-cracking material. Current phenomenological models used for ceramic impact, 
although they capture interface defeat and dwell phenomenon, have been unable to link the 
penetration performance of ceramics with fundamental material properties such as toughness and 
strength. The exact origins of structural size effect where a geometrically scaled down smaller 
ceramic specimen has higher penetration resistance compared to a bigger specimen have not been 
studied in detail to date.  
Most popular models to simulate ceramic impact behaviour such as Johnson-Holmquist models 
have limitations of inability to model the underlying deformation mechanisms inside the ceramic 
material. Also, the model parameters do not directly relate to fundamental material properties such 
as hardness and toughness. The mechanism-based model developed by Deshpande et al. [21] has 
limitations of mesh dependency. Also, its local damage modelling approach needs modification to 
make it non-local so as to make it more realistic and capture the flow of granular particles. 
This thesis attempts to address all the above issues using a new mechanism based non-local 
ceramic constitutive model which is an improvement of the model described by Deshpande et al. 
[21].      
 
2.2 Mechanical response of composites 
Fibre-reinforced composites, especially carbon fibre reinforced plastics (CFRP) have grown in 
their industrial applications such as in aerospace and automotive industries with strong and 
lightweight structures in the past few decades [29–31]. This is mainly due to their high stiffness 
and strength-to-weight ratios, design flexibility and relative ease of fabrication [32]. They are also 
potential replacements of steel and aluminium in various applications like in naval and offshore 
structures [33].  
The purpose of this chapter is to summarize existing knowledge of mechanical response under 
compression, indentation and bending for unidirectional (UD), 2D and 3D composites and identify 
some of their limitations in form of both architectural and due to manufacturing. First, failure 
mechanisms of UD carbon fibre/epoxy composites under compression is summarized followed by 
typical response of composites in indentation and slow velocity impact loading. Also, their 
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deformation mechanisms in bending are discussed followed by typical response of 3D woven and 
non-woven composites under the same loading conditions. Finally, some limitations of the existing 
composites are discussed.  
 
2.2.1 Composites under compression 
In many of the applications of composites, the primary design loads are often compressive. 
Therefore, compressive behaviour of fibre-reinforced composites has been extensively studied in 
the literature. A comprehensive review of failure mechanisms of composites in compression is 
done by Fleck [34]. Normally there are six competing mechanisms for failure of composites under 
compression: elastic microbuckling, plastic microbuckling, fibre crushing, splitting due to voids 
in matrix, buckle delamination of surface layers and shear band formation in matrix due to 
yielding. These mechanisms are influenced by matrix properties as well as fibre volume fraction. 
In case of aligned-fibre, polymeric matrix composites, the most dominant compressive failure 
mode is plastic microbuckling or kinking [34–36].  
The typical mechanism behind plastic microbuckling is as follows [37,38]. Initial mechanical 
response is linear elastic. Due to small initial fibre misalignments present in the composites, 
compression results in shearing of the matrix in misaligned regions. Since commonly used polymer 
matrices have relatively low yield strengths, this results in matrix yielding which eventually causes 
microbuckling and failure due to loss of stiffness. The formation of microbuckles or kinks can be 
explained in terms of certain stages. After elastic loading, matrix in a small region ahead of the 
fibre misalignments (or imperfections) begins to flow plastically.  This results in nonlinearity in 
load-displacement curve. This non-linearity is termed as ‘incipient kinking’ by Moran et al. [37]. 
Shortly after the incipient kinking, maximum load is attained corresponding to rotation of the fibres 
resulting in geometric softening. This maximum load is sensitive to initial fibre misalignments. At 
certain point, the fibre rotation becomes unstable and the fibres undergo rapid rotation to 
eventually ‘lock up’ at a higher rotation. This lock up is mainly due to stiffening of composite due 
to large plastic shearing developed in the matrix. Subsequently more fibres undergo unstable 
rotation followed by lock up as loading continues, and eventually the entire band deforms. 
Budiansky and Fleck [35] showed that this kinked region undergoes volumetric straining. The kink 
band is then forced to spread into the unkinked material due to lock up. This spreading is called 
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band width broadening or simply band broadening which is typically a steady state process and 
the easiest mode of deformation after fibre lock up. The stress corresponding to band broadening 
is insensitive to geometric imperfections unlike peak stress. Band broadening can occur with or 
without fibre fracture [39]. Fracture free band broadening is achieved by movement of the bent 
front in the fibre at the edges of the kink into the unkined material. Typically kinks in fibre 
reinforced composites are created by breakage of the bent fronts of fibres on both sides resulting 
in an inclined section of rotated fibres at an angle β which ranges between 5° − 20° [40]. The 
response curve corresponding to initiation and propagation along with corresponding composite 
specimen geometry schematic is shown in Figure 2.17. Here the X-axis represents the 
displacement once the non-linearity has begun which is given by 𝛿𝑏𝑎𝑛𝑑 = 𝛿𝑡𝑜𝑡𝑎𝑙 − 𝛿𝑛𝑜 𝑏𝑎𝑛𝑑  where 
𝛿𝑡𝑜𝑡𝑎𝑙 is total displacement and 𝛿𝑛𝑜 𝑏𝑎𝑛𝑑 is displacement in the elastic regime. Y-axis represents 
stress 𝜎. The schematic representation of a typical microbuckling mode is shown in Figure 2.18.  
 
 
Figure 2.17: Stress vs post-elastic displacement curve showing stages of formation and propagation of 
kinks [38]. 
27 
 
 
Figure 2.18: Schematic showing geometry of a composite microbuckling. Kink band inclination angle with 
respect to horizontal is 𝛽 and fibres inside the kink band are rotated by an angle ?̅? from original direction. 
Adapted from Fleck [34]. 
The mechanics of plastic microbuckling has been studied extensively starting from Argon [36] and 
then Budiansky[41]. It was identified that compressive strength is controlled by fibre misalignment 
and plastic shear deformation in matrix [35,36]. Polymer matrix composites typically have 
compressive strength less than 60% of their tensile strength. Neglecting bending resistance of 
fibres, Argon[36] showed that for a rigid perfectly plastic composite, initiation of kink occurs when 
applied compressive stress reaches a value σc such that σc = k/ϕ̅,  where k is yield stress in 
longitudinal shear and ϕ̅ is initial uniform misalignment angle. This formula was extended for 
elastic-perfectly plastic composite by Budiansky[41] taking into account the matrix yield strain in 
longitudinal shear, γY = k/G, such that kinking stress is: σc = k/(γY + ϕ̅). These results were for 
kink band orientation angle, β = 0°. Extensions to these formulas based on several factors like 
non-zero β, multiaxial loading and strain hardening material are summarized by Fleck [34]. High 
imperfection sensitivity in plastic microbuckling typically results in large scatter in compressive 
strengths of composites. Unidirectional carbon fibre/epoxy composites typically lose most of their 
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load carrying capacity after formation of a full kink. An example of a final kinked region is shown 
in Figure 2.19 [40] . Width of a kink band is usually of the order of 10-12 times the diameter of 
individual fibres [42].  
 
 
Figure 2.19: Scanning electron micrograph showing microbuckling in a carbon fibre/epoxy unidirectional 
composite [40]. 
Under out-of-plane/transverse compression, unidirectional composites (AS4/8552 CFRP) fail by 
matrix cracking at around 250 MPa whereas cross-ply composites can withstand much higher out-
of-plane compressive stress due to the presence of an indirect tension mechanism [43]. As a result 
of this mechanism, the fibres eventually fail in tension thereby resulting in high out-of-plane 
compressive strength.   
2.2.2 Composites under low velocity impact loading & quasi-static indentation 
During low velocity impact loading the time of contact between projectile and target is long 
enough to allow all wave reflections to occur from boundaries [44]. Thus, the whole structure takes 
the mechanical load and the imparted kinetic energy has to be accommodated across the entire 
dimension of the target. An example of a low velocity impact loading on a composite structure is 
impact of a runway debris on an aircraft structure made of composite. As the target can only be 
inspected after the experiment is done, this puts limitations in observing formation and evolution 
of damages in case of low-velocity impact tests. Generally the load-displacement response of low-
velocity impact tests approach that of purely static case [45]. Thus, quasi-static indentation tests 
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are generally employed to study the different stages of damage evolution in case of a low-velocity 
impact experiment since both have been demonstrated to result in similar global response and 
damage profiles [46–48].   
Jorgensen et al. [49,50] studied indentation failure of cross ply CFRP laminates and found shear 
dominated failure modes in thicker plates in form of matrix cracks along with delaminations in the 
top. The plot for crosshead load vs indenter displacement is shown in Figure 2.20 [50]. In case of 
thick plates of CFRP cross ply with high anisotropy and low shear stiffness the first matrix crack 
is initiated in the top layer. This is followed by stepwise spread of failure downwards layer by 
layer. Between dissimilarly oriented plies delaminations propagate at the interfaces. In general, the 
laminated 2D composites suffer from brittle failure mode in indentation. This poses limitation of 
use of these materials in applications requiring localized transverse loading. The superior abilities 
such as strain hardening, yielding, ductility and toughening are required for the composites [50].  
 
 
Figure 2.20: Load vs displacement plot for indentation of carbon fibre/epoxy cross ply laminate [50]. 
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2.2.3 Visualization techniques in composites 
Due to the wide range of deformation and failure mechanisms exhibited by composites, 
visualization of these mechanisms in order to characterize is essential. The visualization techniques 
can be destructive, non-destructive, in-situ or ex-situ. An early review of non-destructive 
visualization techniques for fibre reinforced composite materials was compiled by Scott and Scala 
[51]. For the purpose of current thesis, two visualization techniques are reviewed: X-ray CT scan 
and optical microscopy.  
X-ray radiography is one of the most popular non-destructive visualization techniques in studying 
composite materials [40,52–58]. This involves projecting X-rays on to a specimen. The various 
material constituents present inside the specimen absorb the radiation depending on their densities. 
The residual X rays which pass through the specimen get captured by a photographic film or 
detector. Although X ray radiography provides good quality images for interlaminar cracks, inter-
ply damage is usually unresolved through thickness.  
Optical or electron microscopy are used for higher resolution images of fracture mechanisms 
which are not clear to naked eyes. These mechanisms include: matrix micro-cracking, fibre cracks 
at the edges of kinks, fibre pull-out which have been observed using microscopy [59–62]. Unless 
the region of interest of a deformed specimen is the surface, optical microscopy is performed after 
sectioning of the specimen to visualize the damage at the inner sections. Therefore, this is usually 
a destructive process and might introduce additional damage during sectioning rendering 
uncertainties on the observed damage profiles which is a drawback of this process.  
 
2.3 Three dimensional (3D) composites 
2.3.1 Background 
Tailoring the alignment of fibres in a composite material or structure is crucial for maximizing 
properties like strength, stiffness, fracture toughness, damage resilience and in order to achieve 
good multiaxial performance in three dimensions [63]. Three dimensional (3D) composites are 
characterized by yarns oriented not only in-plane but also out of plane resulting in higher through 
thickness strength and stiffness of the composite material. Freedom to manipulate cross-sectional 
size, shape and number of yarns means ‘3D architecturing’ makes the design space much bigger.  
Examples of possible application of 3D composite in this regard are stiffeners and stringers of an 
31 
 
aircraft where loads can be in-plane as well as out of plane [30]. Limited growth of delamination 
in through thickness direction results in higher penetration resistance of 3D composites [64–67]. 
Also it has been shown that velocity corresponding to full penetration is higher for 3D orthogonal 
woven composite compared to 2D plane weave composite [68]. Most composite beams used today 
in aerospace industry are made by cutting, stacking and draping of 2D prepreg laminas. Key 
problems with this approach are difficulty to produce the desired shape and lower through-
thickness mechanical properties [30]. In contrast, flexibility offered by 3D architecture in terms of 
control over various parameters like size, shape and types of yarns make it more like a structure 
rather than homogeneous material. Mechanical properties can be varied in different parts of the 
3D profile opening up new design opportunities.  
 
2.3.2 Manufacturing 
Most common approaches to tailor alignment of fibres in composites modify 2D composites by 
adding out-of-plane reinforcements. Some examples of such approaches are: stitching[69], 
knitting[70] and Z-pinning[71,72]. In recent times, manufacturing techniques have been developed 
to produce fully three dimensional fabrics. Briefly 3D fabrics can be categorized into three groups: 
(i) 2D woven 3D fabrics produced by 2D weaving methods with mono-directional shedding; (ii) 
3D woven 3D fabrics made by dual directional shedding and (iii) non-woven 3D fabrics without 
interlacing or interweaving produced by a technique called ‘noobing’ [73–75]. These three groups 
of fabrics along with their production techniques are summarized in Figure 2.21. Detailed review 
of the 3D fabrics production techniques is done by Khokar [75]. Here a brief discussion about 
these processes and their products is given.  
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Figure 2.21: Manufacturing techniques of 3D fabrics 
2D weaving is characterized by interlacing of single or multiple-layer warp yarns with a set of 
weft yarns through monodirectional shedding. Weft yarns are the yarns which are drawn through, 
inserted over and under the warp yarns which are held in tension. Warp yarns are usually the 
length-wise yarns whereas weft yarns are usually the width-wise yarns. Warp yarns are stretched 
more than the weft yarns during the weaving process, thus, the finished fabric doesn’t stretch much 
further in warp direction whereas it may stretch in the weft direction. The term shed refers to the 
temporary separation between upper and lower warp yarns through which the weft yarn is woven. 
Shedding is the action of creating a shed. 2D weaving process can be employed in different 
manners to produce 2D fabrics and 3D fabrics as shown in Figure 2.22. In this case the shedding 
is monodirectional.  
 
 
Figure 2.22: 2D weaving techniques to produce (a) 2D fabrics and (b) 3D fabrics [30]. 
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3D weaving is an extension of 2D weaving such that in this case the shedding is dual directional 
resulting in warp yarns which are fully interlaced with horizontal and vertical weft yarns. The 
resulting fabric schematic is as shown in Figure 2.23. One advantage 3D weaving has over 2D 
weaving is that 3D weaving can directly produce the end woven profile material. It also allows 
flexibility to create different weave patterns in different locations as well as producing curved 
profiles.  
 
Figure 2.23: 3D woven fabric made with dual directional shedding [30]. 
In both 2D woven 3D fabrics and 3D woven 3D fabrics mentioned above, the individual yarns are 
interlaced and thus are not completely orthogonal. However, it is possible to produce fabrics 
having fully orthogonal yarn architecture without any interlacing, intertwining and interlooping 
and one of the process which does this is called Noobing. This is defined as the process of 
orthogonally orienting and binding three sets of yarns to produce non-woven 3D fabrics [74]. The 
term noobing stands for Non-interlacing, Orienting Orthogonally and Binding. The resulting 3D 
fabric is known with variety of different names such as 3D orthogonal weave [76–79], XYZ fabric, 
zero crimp fabric. Two particular 3D orthogonal fabrics along with fabrication techniques are: (1) 
3D composites with orthogonal non-interlacing yarns produced using conventional weaving 
machine, (2) 3D composites using a new device by Khokar [80]. The latter is described in detail 
in Chapter 4 whereas the former is described below.  
Kuo and Ko [81] modified a conventional weaving machine to produce carbon fibre/epoxy 3D 
composite with 3D orthogonal non-interlacing yarns. This was done in order to overcome the 
crimp or waviness seen in the 3D woven composites which results in lower modulus and strength. 
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Unit cell of that 3D composite is shown in Figure 2.24a. One drawback of this fabrication 
technique was that the 3D composite had undulation of the axial yarns along the thickness direction 
as shown in Figure 2.24b. So, although the 3D architecture resulted in high compressive strain to 
failure of about 8-10%, the compressive failure strength was relatively low. Therefore, 
manufacturing technique which lowers the yarn undulations is desired to achieve higher 
compressive strength and energy absorption capabilities.  
 
Figure 2.24: (a)Unit cell of 3D composite with orthogonal yarns produced by conventional weaving 
machine. (b) Undulation of axial yarns in 3D composite fabricated using conventional weaving machine.  
[81] 
2.3.3 Mechanical response of 3D composites 
Generally 3D composites exhibit low yield stress and high failure strain compared to traditional 
composites [81,82]. Kuo et al. [81] performed compression experiments on 3D orthogonal 
composite showing similar results. The stress-strain curve is shown in Figure 2.25a. One of the 
key deformation/failure mechanisms in 3D orthogonal composites like this is the formation of 
‘zigzag’ kinks on the yarns/bundles aligned in loading direction (or axial yarn/bundle) as shown 
in Figure 2.25b. The axial bundles in 3D orthogonal composites are similar to a unidirectional 
composite with confinement offered by the bundles aligned in other two orthogonal directions. It 
is hypothesized that once a kink band forms and reaches the end of a bundle, it becomes 
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energetically favourable for this to grow in the opposite direction keeping the same inclination 
with horizontal rather than propagating into the neighbouring materials. This is how the kink band 
rebounds from the boundary giving rise to the zigzag patterns shown in Figure 2.25b. This 
rebounding mechanism can be sustained through the support offered by the in-plane or through-
thickness bundles. Zigzag bands can also be formed in fibre bundles if they are confined by the 
testing fixture [83–85]. Due to lower stress to yield caused by yarn undulations, Kuo et al. [81] 
have concluded that better manufacturing practices are essential for making 3D orthogonal 
composites with minimum yarn-undulation and thus improve failure stress.  
 
Figure 2.25: (a) Compressive stress-strain curve for various samples of 3D orthogonal carbon fibre/epoxy 
composite fabricated using conventional weaving machine. (b) Damage profile in a yarn aligned in loading 
direction for compression of 3D orthogonal composite. The yarn has about 55% fibre volume fraction. [81] 
 
Cox et al. [79] studied response of 3D woven composites in three point bending. The general 
observation of deformation is as follows. Failure begins around the centre of the beam with kink 
band formation in the compressive side of the beam. This is followed either by rupture or 
delamination of yarns on tensile side. A representative response curve is shown in Figure 2.26. 
The key drawback of these types of 3D woven composites were that after the initial inelastic mode 
of deformation in form of kink band, the load continues to drop and there is no inherent mechanism 
at the microstructural level to sustain the load at a high value.  
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Figure 2.26: Response of  a particular 3D composite to three point bending [79]. 
 
Baucom and Zirky [62] showed that 3D orthogonally woven composites have better damage 
tolerance than 2D laminates under quasi-static perforation loading in case of glass fibre reinforced 
plastics (GFRP). Straining and fracture of z-reinforcement tows along with higher radial spread of 
damage led to higher energy absorption for 3D composites. In contrast, 2D woven system had 
highly localized failure modes. The trends were similar in case of low velocity impact [86]. In 
addition, the straightness of the yarns in 3D orthogonal system ensured they are under tension 
when subjected to transverse load, whereas in case of 2D woven systems higher transverse 
displacement is required for interlaced yarns to straighten and fully loaded.  
Walter et al. [87] performed short beam shear testing of 3D woven composites. This was also to 
establish a baseline for understanding of damage evolution during impact since both types of tests 
create similar state of localized large compressive and transverse shear stress states. 3D composites 
with various percentage of total fibre volume consisting of z-yarns (aligned in thickness direction) 
were tested. It was found out that increase in percentage of through thickness reinforcements in 
orthogonally woven system resulted in lower interlaminar shear strength compared to a 2D woven 
laminate. However, the load drops were sharper in case of the 2D woven composite whereas the 
composite having higher fibre volume fraction along z-yarns maintained the failure load up to 
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higher deflection values. This was due to the arrest of damage at the z-yarns which resulted in 
more even distribution of damage across the specimen thereby making it more damage tolerant. 
However, in the 2D composite several large delamination damages resulted in sudden load drop 
at the end of elastic regime (Figure 2.27).  
 
Figure 2.27: Damage patterns in (a) 2D composite and (b) 3D orthogonally woven composite under short 
beam shear test. [87] 
Warren et al. [88] investigated mechanical performance of 3D woven carbon fibre epoxy 
composites with various architectures such as: 3D orthogonal and two ply-to-ply angle interlock 
having 12K and 24K IM7 carbon tows respectively. The geometric representation of the 
architectures is given in Figure 2.28. For comparison, they also performed experiments on 2D 
woven composite. All the materials studied had similar fibre volume fraction of around 50%. 
Under compression on orthogonal composite, linear stress-strain curve was observed for both warp 
and weft directions before failure. The failure mechanism involved compressive failure of 
transverse tows as well as kink band formation of tows aligned in loading direction (Figure 2.29).   
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Figure 2.28: Geometric representation of the (a) orthogonal and (b) ply to ply angle interlock architectures 
used in experiments by Warren et al. [88]. 
 
Figure 2.29: (a) Longitudinal and (b) transverse failure modes of 3D orthogonal composites under 
compression [88]. 
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On the other hand, for ply to ply architectures, compressive failure mechanism mainly involved 
debonding between matrix and surrounding tows coupled with tow microbuckling. Failure modes 
and fracture paths were similar in both warp and weft directions. The failure modes of both the 3D 
woven composites as well as the 2D woven composite (which failed in brittle manner) is shown 
in Figure 2.30. Overall, kink band formation was the primary mode of failure and the composites 
lost most of their load carrying capacity after the formation of kinks.  
 
Figure 2.30: Longitudinal compressive failure modes for (a) ply to ply 12K, (b) ply to ply 24K and (c) 2D 
woven fibre architectures [88].  
Similarly, Dai et al. [89] studied mechanical response of 3D orthogonal and angle-interlock woven 
composites each having fibre volume fraction of around 50%. Under compression all the 3D 
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orthogonal composites underwent catastrophic failure right after elastic regime. The key failure 
mechanisms were delamination, matrix cracking and tow fracture.  
2.3.4 Concluding remarks  
The 3D composites studied in literature show improved out of plane performance compared to 2D 
counterparts. However, this comes at the price of degradation of in plane performance. Also, 
weaving technology used to produce 3D orthogonal composites which are supposed to reduce 
waviness in the tows still end up with high imperfection regions resulting in suboptimal out of 
plane performance. Thus, more robust method of production is required to fully utilize the 3D fibre 
architecture. This thesis studies a non-woven 3D composite with orthogonal yarns produced by a 
technique called ‘noobing’ using a different setup than traditional weaving machines which results 
in relatively less misalignments of yarns.  
Failure/deformation mechanisms of 3D orthogonal composites haven’t been modelled 
theoretically/numerically in detailed manner. Especially the formation of multiple zigzag kinks in 
the yarns aligned in the loading direction hasn’t been modelled. These zigzag kinks have been 
shown to remain localized and confined to the tows and do not propagate to the surrounding 
material immediately after formation. This is how extra strain gets accommodated at several 
locations resulting in more energy absorption. In contrast, traditional 2D composites usually result 
in kinks which propagate very easily throughout the specimen resulting in brittle failure. This 
thesis endeavours to capture the detailed deformation mechanisms of 3D orthogonal composites 
through simple finite element scheme.  
In bending the 3D composites have mostly shown brittle response meaning that once a failure 
mechanism gets activated in the tows, the load keeps on decreasing. So, there is not much of energy 
absorption mechanism through distributions of local deformations. The 3D orthogonal composite 
studied in this dissertation has shown potential to show some ductility in three-point bending 
loading.  
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CHAPTER THREE 
3    Penetration of confined ceramics targets 
 
Synopsis 
We have investigated the penetration response of confined ceramic targets impacted by Tungsten 
long-rod projectiles in the so-called Lundberg test setup with the ceramic modelled using a 
mechanism-based constitutive model. The calculations accurately predict the three observed 
penetration regimes, viz. interface defeat, dwell followed by penetration and penetration with 
no/short dwell. More importantly, the calculations suggest that these regimes occur in both a 
ceramic target and a reference target where microcracking of the ceramic is artificially switched 
off. This is because penetration occurs by a spherical cavity expansion mechanism with the onset 
of continued penetration set by the attainment of either a critical size of a plastic or damage zone. 
The dwell time then correlates with the time required to establish this inelastic zone. The main 
influence of damage is to reduce the pressure required to set up this critical inelastic zone and 
thereby reduce the interface defeat velocity as well as increase the penetration rate for a given 
velocity above the interface defeat velocity. We further show that an increase in the downward 
force due to the backflow of the deforming impactor is not essential for a dwell regime to exist. 
The mechanism-based ceramic model is also used to probe the dependence of material properties 
such as strength and toughness on the penetration resistance. Two regimes of penetration, viz. a 
plasticity-dominated and a microcracking-dominated regime emerge from the calculations. These 
predictions suggest that increasing the strength rather than toughness of the Corbit-98 Alumina 
will have a greater beneficial influence on its penetration performance. 
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3.1 Introduction 
The application of ceramic-based armour ranges from protection of aircraft and personnel against 
small-caliber threats, to vehicle armour designed to defeat long-rod penetrators and shaped 
charges. A common experiment used in a laboratory setting to investigate the dynamic 
deformation/failure behaviour of ceramics involves impacting a specimen comprising a well-
confined ceramic cylinder with a heavy metal long-rod penetrator as shown in Fig. 3.1a. Such 
setups, known in the literature as “Lundberg tests” [1], are extensively used to study the dynamic 
penetration properties of ceramics over relatively long time frames. In such tests, the confinement 
prevents/reduces the macroscopic cracking of the ceramic target, and the statistical effects of 
cracking are minimized. Moreover, in these high velocity experiments, the loading due to the long-
rod is primarily hydrodynamic [2] and thus relatively easy to characterise. 
Time-resolved penetration behaviour of ceramic armour has been extensively studied over the past 45 
years using flash radiography [3-6]. In the Lundberg test, the penetration response is divided into three 
regimes based on the impact velocity 𝑣0 (of either the long-rod or the target in a reverse ballistic test)
3 
as sketched in Fig. 3.1b. Below a critical impact velocity 𝑣𝑐, the long-rod erodes by radial flow on the 
target surface with no significant penetration. This phenomenon is referred to as interface defeat. For 
velocities slightly higher than 𝑣𝑐, a phase of projectile defeat (dwell) followed by penetration can be 
observed. The phase without penetration has been termed dwell since the penetrator “dwells” on the 
target surface for a duration called dwell time. As the impact velocity increases well beyond 𝑣𝑐, the 
dwell time decreases and eventually becomes too short to be measured [7].  
 
The most-widely employed explanation for the existence of dwell is cracking-induced loss of 
penetration resistance of the target material. This explanation is mainly based on post-mortem 
examination of recovered targets [8-9]. A region of intense microcracking (comminution) and cone 
cracks immediately under the impact site was observed in cross sections of ceramic targets subjected 
to impacts just below the transition velocity. Consequently, it is hypothesized that dwell persists for the 
time needed for the ceramic to transition from an intact to a damaged state [7, 10]. However, two 
critical failings of this hypothesis can be identified. First, while micro-cracking has been observed in 
                                                          
3 It is noted that long rod ballistic and reverse-ballistic tests differ in inertia effects. In the range of 
time scale considered for dwell phenomenon in the present study, the difference however is 
expected to be less.  
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Silicon Carbide (SiC), no comminution occurred in Tungsten Carbide (WC), and Boron Carbide (B4C) 
targets even though they also display the phenomenon of dwell [4, 9]. Second, recent experiments 
indicate that the penetration rate during dwell is not zero; target material is therefore displaced from 
beneath the penetrator or removed during dwell [11].  
 
Cracking or more specifically cone cracking has been proposed to rationalise recent findings of a test 
structure size dependence of the penetration response. Lundberg et al. [12] performed penetration 
measurements on geometrically self-similar test setups where both the target and projectile were 
geometrically scaled. Their measurements of the interface defeat velocity of back supported, but 
otherwise unconfined SiC targets are plotted in Fig. 3.1c where the size of the setup is parameterised 
by the radius 𝑎 of the long-rod. Size effects in the millimetre length scale were clearly observed, and 
Lundberg et al. [12] attributed this phenomenon to cone cracking of the ceramic target. In this 
hypothesis, the interface defeat velocity is set by the onset of cone cracking in the ceramic which occurs 
at reduced pressure as the size increases. However, as discussed above the onset of cracking resulting 
in loss of penetration resistance does not provide a consistent explanation for all the observed 
phenomena. 
 
Uth and Deshpande [13] performed scaled penetration experiments of the Lundberg test using vacuum 
grease for the target and water to provide the hydrodynamic loading. These experiments enabled the 
use of high speed video imaging to observe the key phenomena and demonstrated that the backflow of 
the impacting fluid due to deformation of the target resulted in an increase in the downward force, i.e. 
a strong fluid-structure interaction (FSI) effect. They then attributed the dwell time to the period 
required for the backflow to be established. However, the importance of such a FSI effect during 
ceramic target impact remains unclear. 
 
The Lundberg test has been extensively analysed using phenomenological models of ceramics such as 
the Johnson and Holmquist (JH) [10] model. This model embodies a Drucker-Prager yield surface [14] 
that evolves with damage through the effective plastic strain (analogous to that in the Johnson-Cook 
model [15] for metals). The representation has multiple coefficients and exponents that require 
calibration through dynamic measurements and does not incorporate any microstructural characteristic 
(such as grain size) or other material properties such as toughness and hardness that influence 
53 
 
penetration. Nevertheless, the model when used to simulate the Lundberg test does predict key 
phenomena including dwell followed by penetration. The model [10, 16] indicates that dwell ends 
when a critical level of target damage is attained and thus while appropriate for SiC seems to not be 
adequate for ceramics such as WC and B4C where dwell with no cracking is observed [4, 9]. Moreover, 
the Johnson and Holmquist [10] model is unable to link the penetration performance of ceramics with 
fundamental material properties such as hardness and toughness. 
Deshpande and Evans [17] developed a mechanism-based model for the deformation and fracture 
response of ceramics. This was later extended by Deshpande et al. [18] to include granular flow. 
Gamble et al. [19] and Compton et al. [20] calibrated this model for a Corbit-98 grade Alumina and 
demonstrated its fidelity in predicting both the quasi-static and dynamic indentation response. 
Subsequently, Holland et al. [21] have used this model for investigating the perforation response of 
steel-alumina bilayers. Here we employ the extended Deshpande et al. [18] model to investigate the 
penetration of confined ceramic targets with an aim to clarify the roles of (i) cracking and its relation 
to dwell; (ii) the observed specimen size effect and (iii) the influence of fundamental material 
properties such as hardness and toughness on the penetration resistance. The aim here is not to model 
the precise details of the experiments, of which there are many variants, but rather a generic situation 
in order to investigate the fundamentals of the mechanisms operative during the penetration of the 
ceramics. 
3.2 Model description 
We analyse the so-called Lundberg problem of the penetration of a confined ceramic target by a 
Tungsten long-rod penetrator. There exist a range of variants of these tests including: (i) different 
ceramic materials including SiC, Alumina, WC etc.; (ii) tests with and without an outer steel 
confining casing; and (iii) tests carried out in either a reverse ballistic set-up where the target is 
fired onto the stationary long-rod or a forward ballistic situation where the initially stationary target 
is impacted normally and centrally at a velocity 𝑣0 by a long rod of radius 𝑎, as sketched in Fig. 
3.1a. The qualitative features of the short-time penetration responses are similar in all these tests 
and here the aim is to develop a physical understanding of the phenomena rather than analyse a 
particular test in detail. Thus, here we analyse a “generic” Lundberg test comprising a steel encased 
Alumina target impacted by a Tungsten long rod in a forward ballistic setting. While the reference 
material that is analysed is Alumina, the study also presents a parametric dependence of penetration 
response on material properties. 
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Figure 3.1: (a) Sketch of the so-called Lundberg problem of the ballistic impact of a confined ceramic 
target by a Tungsten long-rod. (b) The three penetration regimes as a function of the impact velocity 𝑣0. (c) 
Target size dependence of the interface defeat velocity. Measurements from [12] are shown for 
geometrically self-similar targets and long-rods parameterised by the long-rod radius 𝑎. 
The axisymmetric problem analysed is sketched in Fig. 3.2a. It comprises a cylindrical ceramic 
target of height 𝐻 and radius 𝐿 encased in a high strength steel casing. This casing comprises three 
parts as shown in Fig. 3.2a: (i) a cylindrical jacket of inner radius 𝐿 and thickness ℎ and (ii) top 
and bottom caps of thickness 2ℎ. These three parts are press-fitted together around the ceramic 
cylinder. The long rod first penetrates the outer steel confinement and then impacts the surface of 
the ceramic. Penetration of the outer casing results in negligible reduction in the velocity of the 
long-rod and measurements are typically reported of the penetration into the ceramic as a function 
of time visualised by flash X-ray photographs [5]. Thus, we do not model penetration of the outer 
casing and report calculations where at time 𝑡 = 0 the long-rod impacts the top surface of the 
ceramic at velocity 𝑣0 having already eroded a hole in the outer casing. A central cylindrical hole 
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of radius 2𝑎 [10] is thus included in the top cap to represent the cavity resulting from the initial 
penetration of casing by the long-rod. Renström et al. [2] have shown that after a short initial 
transient (when shock effects are present), loading due to the Tungsten long-rod is purely 
hydrodynamic with the long-rod exerting a pressure 𝑝(𝑟) on the target surface as sketched in the 
inset of Fig. 3.2b, where 𝑟 is a radial distance measured from the central axis of the long-rod (Fig. 
3.2a). This loading is assumed to be hydrodynamic such that in terms of the non-dimensional radial 
co-ordinate ?̅? ≡ 𝑟/𝑎 
 𝑝(?̅?) =
1
2
𝜌𝑝𝑣0
2 ?̅?(?̅?), (3.1) 
where 𝜌𝑝 = 17.7×10
3 kgm−3 is the density of Tungsten and the non-dimensional pressure ?̅?(?̅?) 
is sketched in Fig. 3.2b. The calculations of Renström et al. [2] show that ?̅?(0) ≈ 1.2 (where the 
factor of 1.2 is due to compressibility and finite strength of the Tungsten) with the pressure 
decreasing with increasing ?̅? until ?̅?(2.5) ≈ 0. We performed finite element (FE) calculations of 
the penetration by applying this pressure distribution on the surface of the ceramic as opposed to 
explicitly modelling the long-rod/target interaction. 
 
Figure 3.2: (a) Sketch of the axisymmetric boundary value problem of the confined ceramic target with the 
imposed pressure load to simulate loading by the Tungsten long-rod. The definition of the co-ordinate 𝑦 is 
included in the sketch. (b) Predictions of Renström et al. [2] for the non-dimensional pressure ?̅?(?̅?) imposed 
by the long rod as a function of the non-dimensional radial co-ordinate ?̅? ≡ 𝑟/𝑎. The inset shows a sketch 
of the applied pressure on the deformed target surface and the definition of the penetration 𝛿. 
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The penetration calculations were performed using the explicit version of the commercial FE 
package ABAQUS. The axisymmetric problem analysed is sketched in Fig. 3.2a and is 
unrestrained in the 𝑥2 −direction consistent with the reverse ballistic Lundberg test. The target is 
discretised using a combination of 3-noded triangular and 4-noded quadrilateral elements with 
reduced integration. The mesh was graded such that both in the casing and target it was very fine 
near the imposed and coarsened away from the impact zone. The smallest element had leading 
dimensions ~𝐿/200. Mesh convergence studies confirmed that further mesh refinement did not 
change any of the reported penetration results by more than 2%. Typical FE mesh near the top of 
the ceramic target is shown in Fig. 3.4a. The target consisted of around 10000 elements for a 
standard 𝐿 value of 10mm. Hard contact was specified between all the press-fit surfaces in the 
model, viz. between the ceramic and the casing and between the three parts that formed the casing 
(the geometry of the casing parts is included in Fig. 3.2a). The loading due to the Tungsten long-
rod is imposed by specifying the pressure (Eq. 3.1) on the deformed surface of the target as 
sketched in the inset of Fig. 3.2b via the VDLOAD user subroutine in ABAQUS. Since the loading 
applied is a pressure, the imposed resultant tractions were normal to the deformed surface with 
this pressure only dependent on the radial position 𝑟 of the surface point in the deformed 
configuration. This implies that the total downward force 
 𝐹𝐷 = 2𝜋∫ 𝑝(𝑟)𝑟 𝑑𝑟
∞
0
, (3.2) 
imposed by the loading remains constant throughout the deformation history, i.e. any FSI effects 
due to backflow of the deforming Tungsten projectile are neglected. This is done so as to be able 
to investigate the effect of material and structural properties of the target without the complicating 
effects of FSI. Here the uniform time-invariant idealized pressure loading is used since we are 
studying an idealized scenario with an effectively infinitely long long-rod projectile.  
The casing of the target is typically made from a high strength steel and is approximated here as 
an isotropic elastic solid of density 7850 kgm−3, Young’s modulus 210 GPa and Poisson’s ratio 
0.3. In a typical experiment, the casing does not undergo significant deformation in dwell regime 
which is why elastic casing is used here. On the other hand, rigid casing will not allow material 
expansion during deformation and thereby would not be an accurate representation of the physics. 
The ceramic on the other hand is modelled using a modified version of the mechanism-based 
ceramic model of Deshpande et al. [18]. 
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3.2.1 Overview of the ceramic constitutive model 
Here we give a brief description of the mechanism-based ceramic constitutive model of Deshpande 
et al. [18] with an emphasis on the modifications to the granular plasticity aspect of this model 
implemented in this investigation. This constitutive model was implemented in ABAQUS as a user 
material model via the VUMAT functionality. The inelastic deformation of polycrystalline 
ceramics occurs by three primary mechanisms proceeding partially in series and partially in 
parallel (Fig. 3.3). The ceramic is envisaged to contain a population of pre-existing flaws or 
heterogeneities that under stress can extend into microcracks. Before these microcracks form, 
plastic deformation can only occur by dislocation slip or twinning termed here as lattice plasticity. 
When microcracks grow and coalesce, the ceramic transitions into a granular medium comprising 
densely packed granules with dimensions typically dictated by the grain size. Thus, the total strain 
rate 𝜀?̇?𝑗 of the ceramic is written as the sum of the elastic strain rate 𝜀?̇?𝑗
𝑒  and the deformation rates 
due to lattice plasticity 𝜀?̇?𝑗
𝑝
 as well as granular flow 𝜀?̇?𝑗
𝑔
, i.e. 
 𝜀?̇?𝑗 = 𝜀?̇?𝑗
𝑒 + 𝜀?̇?𝑗
𝑝 + 𝜀?̇?𝑗
𝑔 . (3.3) 
Elastic deformation is assumed be governed by an isotropic Hooke’s law with shear modulus 𝐺 
and Poisson’s ratio 𝜈 that are not affected by the above three inelastic mechanisms. We proceed to 
briefly describe the constitutive relations for 𝜀?̇?𝑗
𝑝
 and 𝜀?̇?𝑗
𝑔
 with expression for some coefficients 
detailed in the Appendix. 
 
Figure 3.3: Mechanisms of inelastic deformation and damage operative in polycrystalline ceramics under 
compressive stress states. 
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Lattice plasticity: Plastic flow (due to dislocation motion and twinning) is assumed to be described 
by a viscoplastic relation with the von-Mises effective stress 𝜎𝑒 governing the plastic strain rate 
and direction of plastic flow such that  
 𝜀?̇?𝑗
𝑝 = 𝜀?̇?
𝑝 𝜕𝜎𝑒
𝜕𝜎𝑖𝑗
, (3.4) 
where 𝜀?̇?
𝑝
 is the effective plastic strain rate. Noting that at low strain rates plastic flow is governed 
by the Peierls resistance while at high strain rates phonon drag is the rate limiting process, 
Deshpande et al. [18] proposed a piecewise phenomenological relation for 𝜀?̇?
𝑝
 given by 
 
𝜀?̇?
𝑝
𝜀0̇
=
{
 
 
 
 (
𝜀0̇
𝜀?̇?
)
(1−𝑛)/𝑛
(
2𝜎𝑒
𝜎0
− 1)      2𝜎𝑒 > 𝜎0 [(
𝜀?̇?
𝜀0̇
)
1/𝑛
+ 1]
(
2𝜎𝑒
𝜎0
− 1)
𝑛
              𝜎0 <  2𝜎𝑒 ≤ 𝜎0 [(
𝜀?̇?
𝜀0̇
)
1/𝑛
+ 1]
0                                                                     2𝜎𝑒 ≤ 𝜎0,
  , (3.5) 
where 𝜀0̇, 𝜀?̇? and 𝑛 are a reference strain rate, the strain rate to transition to the phonon drag regime 
and a strain rate sensitivity exponent respectively while 𝜎0(𝜀𝑒
𝑝) is the flow strength at equivalent 
plastic strain 𝜀𝑒
𝑝
. The strain hardening function for this flow strength is expressed in terms of the 
uniaxial yield strength 𝜎𝑌 and the strain hardening exponent 𝑀 as 
 𝜎0 =
𝜎𝑌
2
[1 + (
𝜀𝑒
𝑝
𝜀0
)
𝑀
], (3.6) 
where 𝜀0 is a reference plastic strain at which 𝜎0 = 𝜎𝑌. We emphasize here that in the phonon drag 
regime with 𝜎𝑒 ≫ 𝜎0, the plastic flow follows a linear viscous law such that 𝜎𝑒 = 𝜂𝜀?̇?
𝑝
, where the 
viscosity  
 𝜂 ≡
𝜎0
2𝜀0̇
(
𝜀?̇?
𝜀0̇
)
1−𝑛
𝑛
. (3.7) 
Under dynamic loading, this introduces a length scale ℓ𝑝 into the problem that characterises the 
plastic shock width. Dimensional analysis dictates that this shock width is given by ℓ𝑝 = 𝜂/(𝜌𝛥𝑣), 
where 𝜌 is the density of the ceramic and 𝛥𝑣 the velocity jump across the shock. 
 
Microcrack evolution: The ceramic is assumed to contain an array of 𝑓 microcracks per unit 
volume with each microcrack comprising two wing cracks of length 𝑙 that develop from an initial 
flaw of radius 𝑐. The initial and current levels of damage are expressed as 𝐷0 ≡ (4/3)𝜋(𝛼𝑐)
3𝑓 
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and 𝐷 ≡ (4/3)𝜋(𝑙 + 𝛼𝑐)3𝑓, respectively where 𝛼 is a flaw orientation factor. The evolution of 
the wing cracks (and thereby the damage) is governed by the mode-I stress intensity factor 𝐾𝐼 at 
the microcracks. Deshpande and Evans [17] provided expressions for 𝐾𝐼 in terms of coefficients 
𝐴, 𝐵, 𝐶 and 𝐸 (see Appendix for the relevant formulae), the mean stress 𝜎𝑚 ≡ 𝜎𝑘𝑘/3 and the 
effective stress 𝜎𝑒. In regime I, when the triaxiality 𝜆 ≡ 𝜎𝑚/𝜎𝑒 ≤ −𝐵/𝐴, the cracks are shut with 
friction preventing sliding and thus 𝐾𝐼 = 0. In regime II (−𝐵/𝐴 < 𝜆 < 𝐴𝐵/(𝐶
2 − 𝐴2)), friction 
cannot prevent crack face sliding such that 
 
𝐾𝐼
√𝜋𝑐
= 𝐴𝜎𝑚 + 𝐵𝜎𝑒 . (3.8) 
In regime III where 𝜆 ≥ 𝐴𝐵/(𝐶2 − 𝐴2) the crack faces lose contact resulting in  
 
𝐾𝐼
√𝜋𝑐
= √𝐶2𝜎𝑚2 + 𝐸2𝜎𝑒2. (3.9) 
The wing cracks length grows at a rate 𝑙 ̇related to these stress intensity factors via 
 𝑙̇ = {
min [𝑙0̇ (
𝐾𝐼
𝐾𝐼𝐶
)
𝑚
,     √𝐺/𝜌]
0                                         otherwise ,
𝐷 < 1 (3.10) 
where 𝐾𝐼𝐶 is the mode I (short crack) fracture toughness of the ceramic while 𝑙0̇ is the crack growth 
rate at 𝐾𝐼 = 𝐾𝐼𝐶 and 𝑚 the rate exponent for crack growth. In Eq. (3.10) the crack growth speed 
has been limited to the shear wave speed. Since 𝐾𝐼 → ∞ as the cracks fully coalesce (i.e. when 
𝐷 → 1) we supplant the microcracking models with a granular plasticity model. 
Granular plasticity: The comminuted ceramic is modelled as a granular medium using a non-
associated Drucker-Prager type constitutive law, with an effective stress 
 ?̂? ≡
𝜎𝑒 + (tan 𝜔)𝜎𝑚
1 −
tan 𝜔
3
, (3.11) 
where 𝜔 is the friction angle while the effective granular strain rate is related to the uniaxial 
compressive strength 𝛴𝑐 of the ceramic via 
𝜀?̇?
𝑔
𝜀?̇?
= {(
?̂?
𝛴𝑐
− 1)
𝑠
                ?̂? > 𝛴𝑐
0                         otherwise ,
 (3.12) 
with 𝜀?̇? the reference strain rate and 𝑠 a rate exponent. We take 𝑠 = 0.5 for 𝜎𝑚 ≤ 0 so that we 
recover the Bagnold [22] rate sensitivity of a granular medium and 𝑠 = 10 for 𝜎𝑚 > 0 to ensure 
that granular plasticity has negligible rate sensitivity in the presence of tensile hydrostatic stresses. 
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(The transition between these two regimes is implemented smoothly as specified in Deshpande et 
al. [18].) Granular flow is assumed to be incompressible such that the granular strain rate follows 
from a relation analogous to Eq. (3.4) with 
 𝜀?̇?𝑗
𝑔 = 𝜀?̇?
𝑔 𝜕𝜎𝑒
𝜕𝜎𝑖𝑗
. (3.13) 
 
For ?̂? ≫ 𝛴𝑐 with 𝜎𝑚 ≤ 0, Eq. (3.12) implies a quadratic rate dependence of the form 
 ?̂? =
𝛴𝑐
𝜀?̇?2
(𝜀?̇?
𝑔)
2
. (3.14) 
Dimensional analysis then specifies that under dynamic loading, there exists a length scale 
associated with granular plasticity given by  
 ℓ𝑔 =
1
𝜀?̇?
√
𝛴𝑐
𝜌
, (3.15) 
where ℓ𝑔 can be interpreted as the width of shock front associated with granular plasticity. 
3.2.1.1 Non-local damage and granular plasticity 
In the approach proposed by Deshpande et al. [18] both lattice plasticity and granular plasticity are 
active for all stress states expect that granular plasticity becomes dominant in the fully comminuted 
state. This is accomplished by decreasing 𝛴𝑐 with increasing 𝐷, i.e. the damage parameter 𝐷 
calculated from the microcracking model serves to set the strength for granular flow. Deshpande 
et al. [18] used the local damage variable 𝐷 but here we propose a non-local variant of their model 
based on the integral formulation as proposed by Bažant and Jirásek [23], Tvergaard and 
Needleman [24] and many others. There are two key reasons to make this modification: 
(i) Microcracking results in the formation of granules on the order of the grain size. However, 
for granular plasticity to occur in the continuum sense as described above, a multitude of cracked 
grains in a local area need to act in concert. Thus, granular flow will only occur if the damage 𝐷 =
1 extends over a region of some finite size rather than just a local material point. 
(ii)  Damage also results in a softening of the material and a loss of ellipticity of the governing 
equations. This usually results in predictions that are sensitive to the size and type of FE mesh. 
However, introducing a damage length scale by employing a non-local damage model alleviates 
the mesh dependency of the predictions.  
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Here we use an integral non-local formulation [23-24] wherein a non-local damage parameter 
?̅?(𝑥𝑖) is defined at location 𝑥𝑖 via 
 ?̅?(𝑥𝑖) =
1
𝑉0
∫ 𝐷 𝑑𝑉
𝑉0
, (3.16) 
where 𝑉0 is a sphere of radius ℓ𝐷 centred at 𝑥𝑖, i.e. the non-local damage variable ?̅?(𝑥𝑖) is the 
volume average of 𝐷 in the vicinity of 𝑥𝑖
4. The radius ℓ𝐷 is chosen to be much greater than the 
grain size of the polycrystalline ceramic to ensure that ?̅? = 1 only when a sufficient number of 
grains in the vicinity of 𝑥𝑖 have cracked for granular flow to be operative. We then use ?̅? to 
transition the ceramic from its undamaged state 𝐷0 to the fully comminuted state wherein granular 
plasticity is the dominant deformation mode. This is performed using the following three relations. 
The uniaxial strength is reduced from the plastic yield strength 𝜎0 to the fully comminuted strength 
𝜎𝑐 via 
 𝛴𝑐 = 𝜎0 − (𝜎0 − 𝜎𝑐) (
?̅? − 𝐷0
1 − 𝐷0
)
𝑞
. (3.17) 
The exponent 𝑞 which governs the transition rate from lattice to granular plasticity (as ?̅? goes from 
𝐷0 to 1) is chosen to be 5. For consistency, the friction angle is also increased from 𝜔 = 0 when 
?̅? = 𝐷0 to its value 𝜔0 in the fully comminuted state using 
 tan𝜔 =
(𝜎0 − 𝛴𝑐) tan𝜔0
𝜎0 − 𝜎𝑐 (1 −
tan𝜔0
3 ) − 𝛴𝑐
tan𝜔0
3
. (3.18) 
Finally, the reference granular strain rate is increased from 𝜀?̇? = 0 at ?̅? = 𝐷0 (i.e. no granular 
plasticity without microcracking) so that 
 𝜀?̇? = 𝜀?̇?0 (
?̅? − 𝐷0
1 − 𝐷0
)
𝑞
. (3.19) 
The reference strain rate  𝜀?̇?𝑜 was calculated by Deshpande et al [18] using Bagnold analysis which 
suggests that the strength of the fully comminuted material scale depended on relative packing 
density and coefficient of restitution. So, taking them to be 0.99 and 1 respectively 𝜀?̇?𝑜 was got to 
be 2×106𝑠−1.  
                                                          
4 At the edge of the domain the complete integral (3.16) cannot be unambiguously evaluated as part of the 
sphere may lie outside the ceramic. In such cases the volume 𝑉0 is interpreted as that part of the sphere that 
lies inside the ceramic. 
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3.2.1.2 Target geometry and material parameters 
The objective of the study is to develop a physical understanding of the penetration of confined 
ceramic targets as opposed to a direct comparison between numerical predictions and 
measurements. Thus, the simulations were designed to analyse a general problem in the class of 
problems posed by Lundberg and co-workers [1, 5-6] rather than mimic one of their specific 
experiments. The intent is to vary both the target geometry and its material properties to investigate 
the dependence of the penetration response on these properties. Since Gamble et al. [19] and 
Compton et al. [20] have calibrated the Deshpande et al. [18] ceramic constitutive model against 
a range of experiments on the Corbit-98 Alumina, this motivates our choice for this ceramic to 
serve as a reference. Here we detail the reference target geometry and ceramic properties that are 
chosen to represent the Corbit-98 fine-grained Alumina (grain size 𝑑~3 μm). 
 
The targets comprised ceramic cylinders of aspect ratio 𝐻/𝐿 = 2 with a casing thickness ℎ/𝐿 =
0.4. The Tungsten long-rod projectiles had a radius 𝑎 = 1 mm and the target size scaled as 𝐿/𝑎 =
10. The reference properties of the Alumina are listed in Table 3.1. These parameters imply that 
the lattice plasticity length scale ℓ𝑝 ≈ 0.8 mm assuming 𝛥𝑣 = 𝑣0 with a typical impact velocity 
𝑣0 = 1730ms
−1 and 𝜎0 = 𝜎𝑌. On the other hand, the granular plasticity length scale is much 
smaller with ℓ𝑔 ≈ 8 μm assuming 𝛴𝑐 = 𝜎𝑐. The damage length scale ℓ𝐷 was not present in the 
model employed by Gamble et al. [19] and Compton et al. [20] (i.e. they implicitly set ℓ𝐷 = 0) 
and therefore needs to be independently selected for this study. Here we used a reference value of 
ℓ𝐷 = 0.2 mm so that ℓ𝐷/𝑑 ≈ 70, where 𝑑 = 3 μm is the grain size of the reference Alumina, i.e. 
we argue that granular flow can occur when all grains within a sphere of radius approximately 70𝑑 
are cracked. Nevertheless, parametric studies of the sensitivity of the prediction to ℓ𝐷 are also 
reported. 
 
Unless otherwise specified, results are presented for two classes of materials: (i) the Alumina 
described by the material properties listed in Table 3.1 and (ii) a reference non-damaging ceramic 
with properties identical to Alumina except that microcracking is switched off by setting 𝐾𝐼𝐶 = ∞. 
This reference is used to isolate the effect of cracking on the penetration response. Strain rate effect 
on toughness, 𝐾𝐼𝐶 in this case is manifested through the crack length rate law. It is noted that such 
law does not encompass all physics of dynamic crack growth as discussed by Bhat et al. [25]. 
63 
 
Parameter Value 
Shear modulus 𝐺 148 GPa 
Poisson’s ratio 𝜈 0.239 
Density 𝜌 3864 kgm−3 
Yield strength 𝜎𝑌 5.75 GPa 
Fracture toughness, 𝐾𝐼𝐶 3 MPa√m 
Transition strain rate 𝜀?̇? 10
6 s−1 
Strain hardening exponent 𝑀 0.1 
Crack growth rate sensitivity exponent 𝑚 30 
Strain rate dependence exponent 𝑛 34 
Reference crack growth rate 𝑙0̇ 0.01 ms
−1 
Reference plastic strain rate 𝜀0̇ 10
−3 s−1 
Reference plastic strain 𝜀0 0.002 
Initial damage 𝐷0 8.57×10
−4 
Number of cracks per unit volume 𝑓 1.71×1014 m−3 
Crack orientation factor 𝛼 1/√2 
Friction angle 𝜔0 70° 
Uniaxial compressive strength of comminuted 
ceramic 𝜎𝑐 
1 MPa 
Granular transition exponent 𝑞 5 
Granular reference strain rate 𝜀?̇?0 2×10
6 s−1 
Table 3.1: Reference material parameters for the Alumina. 
 
 
3.3 Predictions of the penetration response 
As a first step, prior to proceeding to generic study, it is important to confirm the validity of the 
modelling approach and in capturing experimental observations. Subramanian and Bless [26] have 
reported measurements for confined Alumina targets of radius 𝐿 = 12 mm and height 𝐻 = 38mm 
impacted by Tungsten long rods of radius 𝑎 = 0.4 mm. The Alumina cylinder on [26] was encased 
in a steel jacket of thickness 2.5 mm while the top and bottom caps had dimension 1.6 mm. 
Subramanian and Bless [26] reported that an impact experiment with 𝑣0 = 1500 ms
−1 resulted in 
interface defeat while target penetration ensued at a Tungsten long-rod impact velocity 𝑣0 =
64 
 
1750 ms−1. We conducted penetration simulations using similar setup shown in Fig. 3.2a and 
dimensions identical to the setup of Subramanian and Bless [26]. Loading due to the long-rod was 
imposed by applying a pressure 𝑝(𝑟) on the target as detailed in Section 3.2. Predictions of the 
penetration versus time response are included in Fig. 3.4b for 𝑣0 in the range 1500 ms
−1 ≤ 𝑣0 ≤
2000 ms−1. Here the penetration 𝛿(𝑡) is the depth at the centre of the surface of the target with 
respect to the undeformed surface of the target (inset of Fig. 3.2b) and time 𝑡 = 0 corresponds to 
the instant the pressure was applied. After a small initial deformation, the penetration is arrested 
for 𝑣0 = 1500 ms
−1 in line with the observation of interface defeat at this velocity. Further, much 
in line with the observations reported in [26] continued penetration after a short dwell period is 
predicted for impact at 𝑣0 = 1850 ms
−1 (i.e. the predicted penetration velocity is about 5% higher 
than that reported in [26]). This agreement is obtained in spite of numerous simplifications in the 
model that include: (i) not explicitly modelling the Tungsten long-rod and the penetration through 
the steel top-cap and (ii) restricting the model to axi-symmetric states such that radial cracking is 
excluded. In fact, radial cracking was also observed in the low velocity experiments reported in 
[20] but again an axisymmetric model sufficed to capture the majority of observations. We thus 
conclude that the relatively simple model developed here has sufficient fidelity to capture the 
critical deformation and failure mechanisms in the Lundberg test. We shall thus proceed to use this 
model to perform parametric studies to develop a fundamental understanding of the penetration 
process. 
 
Figure 3.4: (a) Typical FE Mesh near the top of the ceramic target used in the simulations, (b) predictions 
of the temporal evolution of the penetration into Alumina targets representative of the experiments of 
Subramanian and Bless [26]. 
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The main aims of the numerical study are: 
(i) Develop an understanding of the dwell phenomenon and the associated dwell time. 
(ii) Understand the origins of the size effect of the penetration resistance. 
(iii) Relate fundamental material properties of a ceramic (such as its strength and toughness) to 
the penetration resistance in a Lundberg test. 
 
With this in mind three sets of non-dimensional quantities are defined to aid the investigation:  
(a)  Non-dimensional structural length-scales: These are the specimen aspect ratio 𝐻/𝐿, the 
non-dimensional casing thickness ℎ/𝐿 and the ratio of the specimen to long-rod radii 𝐿/𝑎.  
(b) Non-dimensional material length scales: The ratio of structural loading length scale to 
material length scales will govern material size effects in the penetration response. With the radius 
of a long-rod being the primary loading length scale, we define ℓ𝐷/𝑎, ℓ𝑝/𝑎 and ℓ𝑔/𝑎 as the non-
dimensional material length scales associated with damage, lattice plasticity and granular plasticity 
respectively. 
(c) Non-dimensional material properties: The key ceramic material parameters are the yield 
strength and toughness. The non-dimensional groups associated with strength and toughness are 
𝜎𝑌/𝐸 and 𝐾𝐼𝐶/(𝐸√𝜋𝑑), respectively. 
The three aims discussed above can be addressed by varying each of these groups in turn. Unless 
otherwise specified, all material parameters are held fixed at the values listed in Section 3.2.1.2 
(i.e. alumina and the reference non-damaging ceramic) and calculations are presented for loading 
via a Tungsten long rod of radius 𝑎 = 1 mm. All results are presented in terms of the impact 
velocity 𝑣0 of the long rod with calculations performed by applying a pressure 𝑝(𝑟) on the target 
as detailed in Section 3.2. 
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Figure 3.5: Predictions of the temporal evolution of the penetration 𝛿(𝑡) into the reference non-damaging 
ceramic for the (a) 𝐿/𝑎 = 5 and (b) 𝐿/𝑎 = 10 targets with time 𝑡 = 0 corresponding to the instant the 
pressure was first applied on the surface of the ceramic. The equivalent predictions for the (c) 𝐿/𝑎 = 5 and 
(d) 𝐿/𝑎 = 10 Alumina targets. In each case a selection of impact velocities 𝑣0 are included ranging from 
interface defeat to penetration with no or short dwell times. 
 
3.3.1 The origins of interface defeat and dwell 
With the aim being to develop an understanding of interface defeat and dwell, we first consider 
the reference non-cracking ceramic in order to isolate the effect of microcracking and vary the 
structural length scale 𝐿/𝑎. Since 𝑎 is held fixed at 1 mm this implies we are changing the target 
size relative to the impacting long-rod while all other non-dimensional groups are held fixed. 
Predictions of penetration 𝛿 versus time 𝑡 for the 𝐿/𝑎 = 5 and 10 targets comprising the reference 
non-damaging ceramic are plotted in Figs. 3.5a and 3.5b, respectively. Here 𝛿(𝑡) is the depth of 
centre of the surface of the target with respect to the undeformed surface of the target (inset of 
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Fig. 3.2b) and time 𝑡 = 0 corresponds to the instant the pressure was applied. The predictions 
clearly show the three regimes discussed in the introduction, viz. (i) an interface defeat regime 
where after some initial penetration no further penetration is observed for impact velocities below 
a critical value 𝑣𝑐; (ii) at intermediate velocities there is a dwell regime followed by a sudden onset 
of penetration and (iii) a penetration regime at high velocities where penetration occurs with no 
intervening period of dwell. The key finding is that both the 𝐿/𝑎 = 5 and 10 targets have a similar 
response except that the long-rod impact velocities are all lower for the same penetration behaviour 
in the smaller target. For example, the interface defeat velocity 𝑣𝑐 is lower in the 𝐿/𝑎 = 5 target 
compared to the larger 𝐿/𝑎 = 10 target and thus for a given impact velocity 𝑣0 the dwell time is 
longer in the larger target. We proceed to investigate the physics behind these numerical 
observations. 
 
 
Figure 3.6: Evolution of the equivalent plastic strain 𝜀𝑒
𝑝
 around the impact site in the 𝐿/𝑎 = 10 target 
comprising the reference non-damaging ceramic for impact velocities (a) 𝑣𝑜 = 1800 ms
−1 and (b) 𝑣0 =
1900 ms−1. The plastic strain distributions are shown at six selected times 𝑡 with 𝑡 = 0 corresponding to 
the instant the pressure was first applied on the surface of the ceramic. 
 
The evolution of the deformation and equivalent plastic strain 𝜀𝑒
𝑝
 around the impact site in the 
𝐿/𝑎 = 10 target are shown in Figs. 3.6a and 3.6b for impact velocities 𝑣0 = 1800 ms
−1 and 
1900ms−1, respectively. An approximately spherical plastic zone is seen to propagate from the 
impact site. The evolution of this zone halts at 𝑡 ≈ 2 μs for the 𝑣0 = 1800 ms
−1 case consistent 
with interface defeat observed in Fig. 3.5b. However, the plastic zone continues to evolve in the 
𝑣0 = 1900 ms
−1 in line with the continued penetration predicted for this velocity (Fig. 3.5b). To 
further illustrate the evolution of the plastic zone we include in Figs. 3.7a and 3.7b plots of the 
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variation of the effective plastic strain 𝜀𝑒
𝑝
 along the central axis of the target at selected times 𝑡 for 
the 𝐿/𝑎 = 5 and 10 targets, respectively. In Fig. 3.7, the co-ordinate 𝑦 is the distance below the 
target surface in the undeformed configuration along 𝑟 = 0 (Fig. 3.2a). An impact velocity 𝑣0 =
1800 ms−1 is in the interface defeat regime for both the 𝐿/𝑎 = 5 and 10 targets and a comparison 
between Figs. 3.7a and 3.7b suggests that the final plastic zones are very similar. By contrast, 𝑣0 =
1900 ms−1 is in the penetration without dwell regime for the 𝐿/𝑎 = 5 target but in the dwell 
regime for the larger target. Nevertheless at the point where steady penetration commences in both 
targets (at 𝑡 ≈ 2 μs for the smaller target and 𝑡 ≈ 10 μs for the larger target), the plastic strain 
distributions within the targets are very similar. We now employ these observations to rationalise 
both the target size dependence of the response as well the fact that we get dwell followed by 
penetration for loading with a constant downward force, i.e. with no FSI effect as in Uth and 
Deshpande [13]. 
 
 
Figure 3.7: Predictions of the plastic strain distributions along the normalised co-ordinate 𝑦/𝑎, where 𝑦 is 
measured along the central axis of the target below the impact site as sketched in Fig. 3.2a. Results are 
shown at selected times 𝑡 for impact velocities 𝑣0 = 1800 ms
−1 and 1900 ms−1 in the (a) 𝐿/𝑎 = 5 and 
(b) 𝐿/𝑎 = 10 targets comprising the reference non-damaging ceramic. Time 𝑡 = 0 corresponds to the 
instant the pressure was first applied on the surface of the ceramic. 
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Figure 3.8: The spherical cavity expansion analogy used by Bishop et al. [27] to analyse the deep 
penetration problem. (a) The undeformed sphere of outer radius 𝑏0 and an incipient spherical cavity of 
radius 𝑎0 → 0. (b) The deformed sphere with a spherical cavity of radius 𝑎 equal to the penetrator radius 
and a plastic zone of radius 𝜉. 
 
In the interface defeat regime, while the loading due to the long-rod is hydrodynamic, the ceramic 
target is deforming nearly quasi-statically with in fact deformation rates within the ceramic tending 
to zero at large times. Thus, the spherical expansion of the plastic zone in Fig. 3.6 is consistent 
with the Bishop et al. [27] quasi-static hypothesis that deep penetration of a plastic solid occurs by 
the expansion of a cavity from a radius of zero to the radius 𝑎 of the penetrating punch. In a sphere 
with initial outer radius 𝑏0, the steady pressure 𝑝𝑠𝑠 required for this expansion given as by [28] 
 𝑝𝑠𝑠 = 2𝜎𝑌ln (
𝜉
𝑎
) +
2𝜎𝑌
3
[1 − (
𝜉
𝑏0
)
3
], (3.20) 
where 𝜉 is the radius of plastic zone as sketched in Fig. 3.8. Moreover, for the expansion of a cavity 
of zero initial radius, the ratio 𝜉/𝑎 is independent of 𝑏0 and given by 
 
 
𝜉
𝑎
= [
𝐸
3(1 − 𝜈)𝜎𝑌
]
1/3
, (3.21) 
i.e. as per the Bishop et al. [27] hypothesis continued penetration occurs when the plastic zone 
attains the critical value given by Eq. (3.21) independent of the target size. This is consistent with 
the numerical results in Fig. 3.7. Moreover, the minimum pressure 𝑝𝑐 required to ensure continued 
penetration is given by substituting Eq. (3.21) into Eq. (3.20). Then interpreting 𝑏0 with the radius 
𝐿 of the target we obtain 
 𝑝𝑐 =
2𝜎𝑌
3
[1 + ln (
𝐸
3(1 − 𝜈)𝜎𝑌
) − (
𝑎
𝐿
)
3
(
𝐸
3(1 − 𝜈)𝜎𝑌
)],   (3.22) 
70 
 
and an estimate for the interface defeat velocity then follows from Eq. (3.1) as 
 𝑣𝑐 ≈ √
2𝑝𝑐
𝜌𝑝
. (3.23) 
 
 
Figure 3.9: Evolution of the damage 𝐷 around the impact site in the 𝐿/𝑎 = 10 Alumina target for impact 
velocities (a) 𝑣𝑜 = 1700 ms
−1 and (b) 𝑣0 = 1750 ms
−1. The damage distributions are shown at three 
selected times 𝑡 with 𝑡 = 0 corresponding to the instant the pressure was first applied on the surface of the 
ceramic. 
 
Consistent with the numerical results in Figs. 3.5a and 3.5b, Eqs. (3.22) and (3.23) predict that 𝑣𝑐 
decreases with decreasing target size 𝐿/𝑎 . The three regimes of penetration can be rationalised as 
follows. Below 𝑣𝑐 there is insufficient pressure to allow continued penetration by the expansion of 
the spherical cavity while for higher impact velocities, the pressure is sufficient to develop a plastic 
zone of size 𝜉 given by Eq. (3.21). However, this zone takes a finite time to establish and this is 
the dwell period of the response. The propagation of the plastic wave that sets this plastic zone is 
impact velocity dependent due to the rate sensitivity of the plastic response, and hence the dwell 
time decreases with increasing 𝑣𝑜 until penetration occurs without any noticeable dwell period. 
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Since 𝑣𝑐 decreases with decreasing 𝐿/𝑎 it follows that all these responses are shifted to lower 
velocities for the smaller targets. It is important to emphasize that while the spherical cavity 
expansion explanation based on Eqs. (3.20)-(3.23) is qualitatively accurate, quantitative agreement 
with the numerical results is not to be expected. This is because the real target is a rate sensitive 
and strain hardening plastic material surrounded by an elastic casing. The simple plastic cavity 
expansion expressions detailed above are for a rate independent, non-hardening solid and of course 
neglect the outer casing of a confined target. We have thus shown that the regimes of the 
penetration response are at-least qualitatively reproduced in a target without cracking mechanisms. 
Moreover, the dwell behaviour is not necessarily caused by an FSI effect but rather related to the 
time required for the plastic zone to acquire a critical size. Of course, backflow of the deforming 
Tungsten long-rod and the consequent increase in the downward force resulting in a FSI effect will 
further increase penetration rates as discussed in Uth and Deshpande [13]. 
 
 
Figure 3.10: Evolution of the equivalent plastic strain 𝜀𝑒
𝑝
 around the impact site in the 𝐿/𝑎 = 10 Alumina 
target for impact velocities (a) 𝑣𝑜 = 1700 ms
−1 and (b) 𝑣0 = 1750 ms
−1. The plastic strain distributions 
are shown at three selected times 𝑡 with 𝑡 = 0 corresponding to the instant the pressure was first applied on 
the surface of the ceramic. 
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An immediate question that then arises is: what is the effect of cracking/damage that is commonly 
argued [10, 16] to be critical in such experiments on ceramic targets? Numerical predictions of the 
penetration response of an Alumina target are included in Figs. 3.5c and 3.5d for the 𝐿/𝑎 = 5 and 
10 targets. The qualitative responses are very similar to the case of the non-damaging targets with 
the three regimes of behaviour observed. However, all the impact velocities in Figs. 3.5c and 3.5d 
are lower than their corresponding values in Figs. 3.5a and 3.5b. The deformation of the 𝐿/𝑎 = 10 
targets impacted at 𝑣𝑜 = 1700 ms
−1 (interface defeat) and 1750 ms−1 (dwell followed by 
penetration) is included in Figs. 3.9 and 3.10 with contours showing the distribution of damage 𝐷 
and equivalent plastic strain 𝜀𝑒
𝑝
, respectively. Now spherical expansions of both a damage zone 
and plastic zone are observed and it follows that the physical origins of the three regimes are 
similar to that discussed for non-damaging target materials. However, a crucial difference exists. 
The governing softening process in Alumina is now a combination of damage and lattice plasticity 
and hence penetration occurs when the overall inelastic zone containing damage and lattice 
plasticity attains a critical size with the dwell time governed by the time for this inelastic zone to 
establish. Thus, the interface defeat velocity and consequently all the other velocities in Figs. 3.5c 
and 3.5d are lower than the corresponding velocities in Figs. 3.5a and 3.5b as damage reduces the 
strength of the target and permits easier penetration. These numerical calculations are in agreement 
with previous hypotheses [10, 16] that the dwell time in ceramic targets is set by the time for a 
damage zone to grow to a critical size. However, this damage is not essential, and the same 
phenomena can occur via only lattice plasticity. This is consistent with the no comminution 
observed in WC, and B4C targets although of course we recognise that a direct analogy may not be 
appropriate as other deformation mechanisms such a phase transformations might be prevalent in 
ceramics such as B4C. 
 
3.3.2 The structural/material size effect 
The structural size effect (Fig. 3.1c) wherein the interface defeat velocity increases with decreasing 
long-rod radius in geometrically self-similar specimens suggests that internal material length 
scale(s) dependent effects are operative. Such size effects are well-known in crystalline metals 
where the strength in compression, bending, torsion and indentation [29] has been found to 
increase with decreasing structural size. This size effect is related to length scales associated with 
dislocation structures in crystalline metals and is typically not operative for structural lengths 
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greater than a few microns. The structural size effect in Fig. 3.1c is operative in the millimetre 
length scale and thus cannot be related to this well-established dislocation structure related size 
effect. Other rationalisations such as statistical variations of flaws [12] too are problematic since 
these flaws are present at spacings on the order of the grain size which again suggests that these 
size effects would be absent in the millimetre length scale. Nevertheless, no full scale penetration 
calculations have been reported to-date to probe the origins of this size effect and this is the focus 
here. 
 
 
Figure 3.11: (a) Predictions of the temporal evolution of the normalised penetration 𝛿/𝑎 with normalised 
time 𝑡̅ for the Alumina target impacted at 𝑣𝑜 = 1730 ms
−1. Results are shown for selected choices of the 
normalised plasticity length scale ℓ𝑝/𝑎 and damage length scale ℓ𝐷/𝑎. The choice of the normalisation is 
such that in the absence of material size effects all these curves would collapse into a single master curve. 
(b) Predictions of the interface defeat velocity 𝑣𝑐 for geometrically self-similar Alumina targets whose size 
is parameterised by the long-rod radius 𝑎. Results are shown for three choices of the damage length scale 
ℓ𝐷 with the error bars denoting the range within which 𝑣𝑐 was determined by the numerical calculations. 
 
There are three material length scales ℓ𝑝, ℓ𝐷 and ℓ𝑔 as discussed above. For the Alumina material 
parameters listed in Section 3.2.1.2, ℓ𝑝 and ℓ𝐷 are in the millimetre range and thus could be the 
source of the observed size effect. On the other hand, ℓ𝑔 ≈ 8 μm and thus for structural sizes in 
the millimetre range it is reasonable to assume ℓ𝑔 = 0. We thus investigate the effect of ℓ𝑝/𝑎 and 
ℓ𝐷/𝑎 on the penetration performance. In these calculations all material parameters except ℓ𝐷 are 
held fixed. 
74 
 
(i) The effect of the damage length scale ℓ𝐷 was investigated by varying ℓ𝐷 keeping all other 
structural parameters fixed at their reference value. This permitted an investigation of the effect of 
ℓ𝐷/𝑎 with ℓ𝑝/𝑎 held fixed. 
(ii) The effect of the plasticity length scale was investigated by varying the structural size while 
keeping 𝐿/𝑎 and 𝐻/𝐿 fixed at their reference values while changing 𝑎. This permitted an 
investigation of the effect of ℓ𝑝/𝑎. For each value of ℓ𝑝/𝑎, ℓ𝐷 was varied to keep ℓ𝐷/𝑎 fixed. 
The effect of material length scales on the penetration performance is illustrated in Fig. 3.11a 
showing the predicted variation of the non-dimensional penetration 𝛿/𝑎 with non-dimensional 
time 𝑡̅ ≡ 𝑐𝑒𝑡/𝐿. Here 𝑐𝑒 ≡ √2𝐺(1 + 𝜈)/𝜌 is the longitudinal elastic wave speed in the Alumina. 
The results are all for a Tungsten long-rod impacting at 𝑣𝑜 = 1730 ms
−1 and computed for 
selected choices of the material length scales ℓ𝐷/𝑎 and ℓ𝑝/𝑎. The results are plotted in non-
dimensional form such that all these penetration curves would collapse onto a single curve in the 
absence of any material size effect. However, it is clear the penetration decreases with increasing 
ℓ𝑝/𝑎 and ℓ𝐷/𝑎, i.e. for a given ℓ𝑝 and ℓ𝐷 the penetration reduces with decreasing size 𝑎 of 
geometrically self-similar targets. This “size effect” can be understood as follows. Increasing ℓ𝑝 
implies a larger effect of material viscosity which in turn increases material strength and thereby 
reduces penetration for a given impact velocity. Similarly, a larger ℓ𝐷 means that a high stress is 
required over a larger volume of the material in order to cause softening of the material by 
cracking. This also has the net effect of strengthening the material.  
 
The calculations predict a structural size effect with smaller, geometrically self-similar targets 
becoming increasingly harder to penetrate. In order to make more direct contact with the 
measurement shown in Fig. 3.1c, predictions of the interface defeat velocity 𝑣𝑐 are included in Fig. 
3.11b for geometrically self-similar Alumina targets parameterised by the radius 𝑎 of the Tungsten 
long-rod. Results are shown in Fig. 3.11b for three choices of the damage length ℓ𝐷. Consistent 
with experimental measurements (Fig. 3.1c), 𝑣𝑐 decreases with increasing 𝑎 and plateaus out for 
𝑎 ≥ 4 mm for all ℓ𝐷 values considered here. Moreover, 𝑣𝑐 increases with increasing ℓ𝐷 for a given 
𝑎. We emphasize that in Fig. 3.11b, for a given ℓ𝐷, the drop in 𝑣𝑐 with increasing 𝑎 is due to both 
the plasticity and damage length scales as both ℓ𝑝/𝑎 and ℓ𝐷/𝑎 decrease with increasing target 
size. 
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3.3.3 Effect of material properties on penetration response 
The analysis of the penetration of confined ceramic targets has mainly been performed using 
phenomenological models such as the JH [10] model. The parameters of these models cannot be 
directly related to material properties such as yield strength and toughness. However, the micro-
mechanical model used in this study does enable the effect of ceramic yield strength and toughness 
on the interface defeat velocity 𝑣𝑐 to be explored. All calculations are presented for the reference 
target size with 𝐿/𝑎 = 10 and material parameters also held fixed at their reference values listed 
in Section 3.2.1.2 except for the yield strength 𝜎𝑌 and toughness 𝐾𝐼𝐶. These two parameters are 
varied and their effect on 𝑣𝑐 is quantified. In order to make more direct contact with engineering 
values of these material properties we present the results directly in terms of 𝜎𝑌 and 𝐾𝐼𝐶 rather than 
the corresponding non-dimensional quantities. Varying 𝜎𝑌 of course implies that the material 
viscosity 𝜂 and consequently ℓ𝑝 is also varied and thus in these simulations ℓ𝑝/𝑎 is not held fixed 
while ℓ𝐷/𝑎 is fixed at its reference value. 
 
Predictions of 𝑣𝑐 as function of the yield strength 𝜎𝑌 are included in Fig. 3.12a for three choices 
of the fracture toughness 𝐾𝐼𝐶. The asymptotes for 𝜎𝑌 → ∞ are included in Fig. 3.12a for each of 
the three values of 𝐾𝐼𝐶. There is a clear trend of increasing 𝑣𝑐 with yield strength until the curves 
plateau at large 𝜎𝑌. Similarly, 𝑣𝑐 increases with increasing 𝐾𝐼𝐶 for a given 𝜎𝑌 though the effect of 
𝐾𝐼𝐶 on the interface defeat velocity is more evident at higher 𝜎𝑌. These results are rationalised as 
follows. Penetration of the target occurs by the expansion of a spherical cavity from zero radius to 
the radius 𝑎 of the long-rod as discussed in Section 3.3.1. This expansion occurs by plastic 
deformation of the ceramic or cracking of the ceramic (or a combination of both) and thus there is 
a general trend for an increase in 𝑣𝑐 with increasing 𝜎𝑌 and 𝐾𝐼𝐶. At low 𝜎𝑌, the deformation is 
dominated by plasticity with nearly no cracking and hence 𝑣𝑐 is insensitive to 𝐾𝐼𝐶. Similarly, at 
high 𝜎𝑌 the expansion of the cavity occurs primarily by cracking of the ceramic with no plasticity 
and hence 𝑣𝑐 increases with increasing 𝐾𝐼𝐶 but is insensitive to 𝜎𝑌. Of course, the value of 𝜎𝑌 
above which there is no further increase in 𝑣𝑐 depends on 𝐾𝐼𝐶 with the asymptote in 𝑣𝑐 being 
attained at 𝜎𝑌 ≈ 20 GPa for 𝐾𝐼𝐶 = 1MPa√m but 𝑣𝑐 is still increasing at this value of 𝜎𝑌 in the 
𝐾𝐼𝐶 = 30 MPa√m case.  
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Figure 3.12: (a) Predictions of the dependence of the interface defeat velocity 𝑣𝑐 on the toughness 𝐾𝐼𝐶 and 
yield strength 𝜎𝑌 for the 𝐿/𝑎 = 10 target. Results are shown for three values of 𝐾𝐼𝐶 with the asymptotic 
values of 𝑣𝑐 in the limit 𝜎𝑌 → ∞ included for each 𝐾𝐼𝐶. All other material properties are those for Alumina. 
(b) A map with axes of toughness 𝐾𝐼𝐶 and yield strength 𝜎𝑌 to illustrate the plasticity and cracking 
dominated regimes of penetration. The map includes contours of 𝑣𝑐. The location of the Corbit-98 Alumina 
is marked on the map. 
 
These results are summarised in Fig. 3.12b where contours of 𝑣𝑐 are included in a map with axes 
of yield strength 𝜎𝑌 and toughness 𝐾𝐼𝐶. Two key regimes are seen to emerge from the map: (i) 
plasticity dominated penetration where the contours of 𝑣𝑐 are nearly vertical indicating little 
dependence on 𝐾𝐼𝐶 and (ii) cracking dominated penetration where the contours of 𝑣𝑐 are nearly 
horizontal indicating little dependence on 𝜎𝑌. These two regimes are marked in Fig. 3.12b. The 
location of the Corbit-98 Alumina (properties listed in Section 3.2.1.2) is included in Fig. 3.12b: 
this “standard” Alumina lies at approximately the boundary of the two regimes. Increasing 𝐾𝐼𝐶 for 
this Alumina will have a relatively minor benefit in increasing the interface defeat velocity while 
an enhancement in the yield strength is predicted to have a greater benefit. We emphasize that this 
conclusion of increasing the yield strength to enhance penetration performance while true for the 
relatively low yield strength Alumina, is not expected to hold for high yield strength ceramics such 
as SiC where most likely the opposite will be true. Moreover, it remains unclear whether 
maximising performance in a Lundberg test will translate to performance enhancements in an 
armour system -  such an investigation while critical is beyond the scope of this study. 
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All the above calculations which were reasonably mesh-insensitive were possible due to the 
introduction of the length scale ℓ𝐷 which not only regularised the calculations but also was able to 
capture the size effects of ceramic targets thereby showing improvement over the original DE 
model.  
 
3.4 Concluding remarks 
The dynamic penetration of confined ceramic targets by Tungsten long-rod penetrators has been 
investigated via finite element (FE) calculations. The ceramic is modelled using a mechanism-
based constitutive model that directly relates the ceramic behaviour to fundamental material 
properties such as strength and toughness. The loading due to the long-rod is approximated to be 
hydrodynamic which negates the need to explicitly model the projectile. The three penetration 
regimes, viz. interface defeat, dwell followed by penetration and penetration with no or short dwell 
emerge from the calculations both when ceramic microcracking is included and excluded. In fact, 
the calculations demonstrate that penetration occurs by a spherical cavity expansion mode and thus 
continued penetration occurs when the loading is sufficient to grow the inelastic zone (which could 
be either a plastic or a damage/comminuted zone) to a critical size. The dwell time is set by the 
time required to establish this critical size of the inelastic zone. The key role of 
comminution/damage is to reduce the pressure required for penetration. Moreover, the calculations 
show that the so-called fluid-structure interaction (FSI) effect resulting from the backflow of the 
deforming projectile is not essential for the existence of the three regimes of penetration. 
 
The FE calculations are also used to probe the influence of material strength and toughness on the 
interface defeat velocity. Two regimes of behaviour emerge from the calculations. At low strength, 
material toughness has a negligible influence with the penetration being plasticity-dominated while 
at high strengths microcracking governs penetration with toughness having a major effect but 
strength playing only a minor role. The commonly used Corbit-98 Alumina is shown to lie at the 
boundary between these two regimes at a location where increasing the strength of this Alumina 
will have a greater influence on enhancing the penetration resistance rather than increasing its 
toughness. 
 
78 
 
Appendix: Summary of coefficients for the microcracking model 
The coefficients 𝐴, 𝐵, 𝐶 and 𝐸 required to calculate 𝐾𝐼 for the microcracking model are derived in 
Deshpande and Evans [17]. Here we list these formulae for the sake of completeness. The 
coefficients 𝐴 and 𝐵 are given as 
𝐴 ≡ 𝑐1(𝑐2𝐴3 − 𝑐2𝐴1 + 𝑐3), (A1) 
and 
𝐵 ≡
𝑐1
√3
(𝑐2𝐴3 + 𝑐2𝐴1 + 𝑐3), (A2) 
where  
𝑐1 =
1
𝜋2
23/4 
[(
𝐷
𝐷0
)
1/3
− 1 + 𝛽√2]
, 
(A3) 
 
𝑐2 = 1 + 2 [(
𝐷
𝐷0
)
1/3
− 1]
2
(
𝐷0
2/3
1 − 𝐷2/3 
), (A4) 
and 
𝑐3 = 𝜋
2 [(
𝐷
𝐷0
)
1/3
− 1]
2
, (A5) 
while 
𝐴1 = 𝜋√
𝛽
3
[(1 + 𝜇2)1/2 − 𝜇], (A6) 
and 
 
𝐴3 = 𝐴1 [
(1 + 𝜇2)1/2 + 𝜇
(1 + 𝜇2)1/2 − 𝜇
]. (A7) 
In the above expressions, 𝛽 = 0.45 is a coefficient introduced by Ashby and Sammis [30] to covert 
the exact two-dimensional wing crack solutions to a three-dimensional state while 𝜇 = 0.75 is the 
friction coefficient between the crack faces as calibrated for Alumina by Gamble et al. [19]. The 
coefficients 𝐶 and 𝐸 are defined as 
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𝐶 = 𝐴 + 𝛾√
1
√2
(
𝐷
𝐷0
)
1/3
, (A8) 
while  
 
𝐸2 =
𝐵2𝐶2
𝐶2 − 𝐴2
, (A9) 
with the parameter 𝛾 calibrated to recover the correct tensile strength of Alumina. This calibration 
sets it to be 𝛾 = 2. 
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CHAPTER FOUR 
4   Compressive response of a 3D non-woven carbon-fibre composite 
 
Synopsis 
The compressive response of a three-dimensional (3D) non-interlaced composite comprising three 
orthogonal carbon fibre tows in an epoxy matrix is analysed. First, the compressive response is 
measured in three orthogonal directions and the deformation/failure modes analysed by a 
combination of X-ray tomography and optical microscopy. In contrast to traditional unidirectional 
and two-dimensional (2D) composites, stable and multiple kinks (some of which zig-zag) form in 
the tows that are aligned with the compression direction. This results in an overall composite 
compressive ductility of about 10% for compression in the low fibre volume fraction direction. 
While the stress for the formation of the first kink is well predicted by a usual micro-buckling 
analysis, the composite displays a subsequent hardening response associated with formation of 
multiple kinks. Finite element (FE) calculations are also reported to analyse the compressive 
response with the individual tows modelled as anisotropic continua via a Hill plasticity model. The 
FE calculations are in good agreement with the measurements including prediction of multiple 
kinks that reflect from the surfaces of the tows. The FE calculations demonstrate that the three-
dimensionality of the microstructure constrains the kinks and this results in the stable compressive 
response. In fact, the hardening and peak strength of these composites is not set by the tows in 
direction of compression, but rather set by the out-of-plane compressive response of the tows 
perpendicular to the compression direction. 
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4.1 Introduction 
Carbon fibre reinforced polymer (CFRP) composites are widely utilized in aerospace and 
automotive structures due to their high strength and stiffness to weight ratios [1,2]. These long 
fibre composites are designed to possess high axial stiffness and tensile strength but the 
compressive strength of unidirectional composites rarely exceeds 60% of their tensile strength. 
The main competing mechanisms governing the compressive strength of long fibre composites 
are: (i) elastic micro-buckling (an elastic instability involving matrix shear); (ii) plastic micro-
buckling in which the matrix deforms plastically; (iii) fibre crushing (a compressive fibre failure 
mode); (iv) splitting by matrix cracking parallel to the main fibre direction; (v) buckle 
delamination and (vi) shear band formation at 45o to the main axis of loading due to matrix 
yielding [3].  
 
In composites with high toughness matrices, the micro-buckling and fibre crushing modes are most 
commonly encountered. For example, the compressive strength of glass and carbon fibre polymer 
reinforced composites (GFRP and CFRP, respectively) is usually governed by elastic or plastic 
micro-buckling. While the micro-buckling strength is typically set by matrix properties, 
Kyriakides and Ruff [4] showed that the wavelength, amplitude, distribution of imperfections and 
fibre waviness also strongly influence the strength of long-fibre composites. Moreover, Vogler and 
Kyriakides [5] demonstrated that CFRP and GFRP composites could continue to carry (a reduced) 
load after the onset of micro-buckling by the broadening of the kink band. However, the 
compressive ductility of traditional CFRPs (unidirectional or two-dimensional (2D) composites 
comprising laminated or woven layers) is about 2% to 4%. Competing lightweight metallic 
materials such as Aluminium and Magnesium have a significantly higher compressive resilience 
with nearly no loss in compressive load carrying capacity after initial yield. This limits the 
application of CFRPs in situations that for example require maintenance of structural integrity 
after impact loading. 
 
Work on improving the compressive behaviour of CFRPs has largely focussed on designing better 
matrices. For example, Laffan et al. [6] investigated the compressive toughness and strength of 
notched unidirectional (UD) carbon fibre composites. Unlike Sivashankar et al. [7], they observed 
that calculations based on an effective stress intensity factor were unable to predict the 
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measurements with sufficient fidelity and attributed this discrepancy to failure modes such as 
crushing, band broadening and delamination that were not appropriately accounted for in the 
toughness model. Finite element (FE) calculations also reported by Laffan et al. [6] reproduced 
these mechanisms with sufficient fidelity so that predictions of failure stresses had a high level of 
accuracy. These findings were further reinforced by Pinho et al. [8] who emphasized the role of 
matrix splitting in governing the micro-buckling stresses and Wind et al. [9] who showed that a 
FE model in which the fibres and matrix were explicitly modelled accurately captured the 4-point 
bend response of a notched CFRP specimen. 
 
The tailoring of fibre/tow architectures in CFRPs has also been widely used to improve properties 
including the compressive response. The most common approaches include modifying 2D 
composites by adding out-of-plane reinforcements. This is typically achieved by Z-pinning 
[10,11], stitching [12,13] and knitting [14]. More recently, a range of techniques has been 
developed to manufacture three-dimensional (3D) fabrics wherein tows are present in at-least three 
orthogonal directions; see [15] for a detailed review of these techniques. In brief, 3D fabrics fall 
into three categories: (i) 2D woven 3D fabrics produced by usual 2D weaving methods with mono-
directional shedding5; (ii) 3D woven fabrics produced by a dual-direction shedding system and 
(iii) non-woven 3D fabrics without interlacing or interweaving produced by a technique known as 
“noobing” that is described in Section 4.2. The ability to manipulate the volume fractions of fibre 
in three directions not only allows tailoring of the multi-axial properties of composites [16]; it also 
reduces the susceptibility to delamination, which results in an improvement in the impact 
performance of CFRPs [17-19]. Moreover, 3D composites can add more functionality to any 
eventual component as discussed by Stig [2].  
 
Most 3D woven composites suffer from a relatively low modulus due to significant fibre waviness. 
In an attempt to overcome this drawback, Kuo and Ko [20] modified a conventional weaving 
machine to produce 3D composites with orthogonal, non-woven yarns. They demonstrated that 
such a composite had a high compressive ductility due to the confinement imposed by the off-axis 
yarns. Also in a subsequent study, Kuo et al. [21] demonstrated the formation of multiple kinks 
                                                          
5 In weaving shed is the temporary separation between upper and lower warp yarns through which the weft 
yarn is woven. The term shedding refers to the action of creating a shed.  
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within the tows of such 3D composites. However, the inherent limitations of their modified 
weaving process resulted in high fibre waviness and hence reduced compressive strengths in the 
composites they investigated. Moreover, no detailed theoretical/numerical investigations have 
been reported to-date to understand the compressive failure mechanisms in such composites. 
 
The main focus of this study is to develop an understanding of the compressive failure mechanisms 
in 3D non-woven carbon fibre/epoxy composites manufactured by the noobing process. This 
process significantly reduces fibre waviness and hence has the potential to significantly enhance 
the compressive strength of such composites. The outline of the study in this Chapter is as follows. 
We first briefly describe the manufacturing process and the microstructure of these 3D composites. 
Next, we report the compressive failure response along with detailed imaging to illustrate the 
deformation/failure modes. Finally, we report FE calculations of the compressive responses with 
the individual tows modelled as anisotropic continua. 
 
 
4.2 Materials, manufacture and property estimates 
The principle of 3D fabric forming/manufacture is fundamentally different from traditional 
weaving, knitting or braiding processes. In brief, linear sets of yarns in either “uniaxial” or “multi-
axial” arrays (see Figure 4.1 for definitions of uniaxial and multi-axial) are bound/tied together to 
produce a 3D layerless fabric6. Since the yarns do not interlace, interloop or intertwine the fabrics 
are referred to as noobed (the acronym NOOB standing for Non-interlacing, Orthogonal, 
Orientating and Binding) fabrics [22]. There are a variety of noobing processes and readers are 
referred to [15] for a detailed discussion. Here we briefly describe the process used to manufacture 
the materials used in this study. 
 
 
 
                                                          
6 Only uniaxial case is studied in present thesis.  
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Figure 4.1: Sketches of the two types of non-woven 3D fabrics: (a) “uniaxial” fabrics comprising 
orthogonal yarns in the 𝑋, 𝑌 and 𝑍-directions and (b) “multi-axial” fabrics with 5 yarn directions (±𝐵 in 
addition of the 𝑋, 𝑌 and 𝑍-direction yarns). 
 
4.2.1 The noobing process and composite manufacture 
The composites were manufactured in two steps: first the dry 3D fabrics were produced and then 
infused with the epoxy matrix. The 3D fabrics were manufactured7 using the method developed 
by Khokar and Domeij [23] that we briefly describe here. With (𝑋, 𝑌, 𝑍) forming a Cartesian co-
ordinate system, the composite comprises an array of 𝑍-yarns bound together by 𝑋 and 𝑌-yarns 
that traverse the rows and columns of the grid formed by the 𝑍-yarns. These 𝑋 and 𝑌-yarns loop 
as shown in Figure 4.2a and bind the fabric together. Readers are referred to [23] and [15] for 
details of the device used for the automated manufacture of this 3D fabric. We emphasize here that 
this fabric is produced by a process that does not involve shedding as in a weaving process and 
comprises three orthogonal non-interlaced 𝑋, 𝑌 and 𝑍-yarns. The noobed fabric is relatively stable 
as it is well bound together by the closed loop 𝑋 and 𝑌-yarns. Infusion of a polymer matrix is 
performed via a resin transfer moulding process (RTM) to produce the 3D composite material.  
 
4.2.2 Material geometry 
The 3D noobed composites comprise Toray T700S 12k carbon fibre tows (non-twisted carbon fibre 
yarns are usually referred to as tows) in a NM FW3070 epoxy matrix8 with a glass transition 
                                                          
7 The fabrics were manufactured by Biteam AB, Danderydsgatan 23, SE-114 26 Stockholm, Sweden. 
8 Nils Malmgren AB, P.O.Box 2039 S-442 02 Ytterby Sweden. 
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temperature of 180oC. The carbon fibres in the 12k tows are approximately 𝑑 = 7.2 μm in 
diameter and the 3D composite was anisotropic with 20% of the total number of tows in 𝑍-direction 
and 40% each in the 𝑋 and 𝑌-directions. Blocks of the 3D noobed composites of size 
175 (𝑋)mm × 103 (𝑌)mm ×45 (𝑍)mm were manufactured and specimens of required 
dimensions were cut from these blocks using a diamond band saw.  
 
In order to evaluate the micro-structure of the as-produced (noobed + infused) composites, square 
specimens of side roughly 20 mm were cut from the block and imaged via X-ray computed 
tomography (XCT). The XCT images of the interior of the specimens on three orthogonal planes 
are shown in Figure 4.3. The specimen was cut from the edge of the block so as to also visualise 
the looped tows (Figure 4.2a). These images clearly show that while the 𝑍-direction tows have an 
approximately square cross-section the 𝑋 and 𝑌-direction tows are flattened in the 𝑍-direction 
during the RTM process. Moreover, as required by the orthogonal arrangement of the tows, pockets 
of pure matrix (in addition to the matrix that exists between fibres within each tow) are regularly 
interspersed in the composite. The periodic unit cell as inferred from these XCT images is sketched 
in Figure 4.2b (an average unit cell based on measurements at 30 different locations in the XCT 
images) and includes all the relevant dimensions of the tows and matrix pockets.  
 
 
Figure 4.2: (a) Sketch of the orthogonal non-woven yarns in the 3D noobed fabric that is infused to give 
the composite. The 𝑋 and 𝑌-yarns form closed loops that bind together the 3D fabric. (b) Sketch of the unit 
cell of the 3D noobed composite employed in this study. The unit cell is inferred from the XCT images in 
Figure 4.3. 
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Figure 4.3: X-ray tomographic (XCT) scans of the 3D noobed composite showing sections on three 
orthogonal planes. The (𝑋, 𝑌, 𝑍) co-ordinate system is based on the noobing process where the 𝑋 and 𝑌-
yarns form a closed loop (Figure 4.2a).  
 
 
 
4.2.2.1 Volume fractions 
The composite comprises four principal phases: (i) the 𝑋, 𝑌 and 𝑍-direction tows and (ii) matrix 
pockets. Based on the unit cell with dimensions sketched in Figure 4.2b, the 𝑋 and 𝑌-direction 
tows comprise a volume fraction 𝑣𝑋 = 𝑣𝑌 ≈ 29% of the composite while the 𝑍-direction tows 
occupy a volume fraction 𝑣𝑍 ≈ 17% of the composite. The remainder 𝑣𝑀 = 25% of the volume 
is occupied by the matrix pockets. It now remains to specify the overall carbon fibre volume 
fraction within the composite. Recall that each tow comprises 12k fibres of diameter 7.2 μm. Then 
based on the tow cross-sectional areas from Figure 4.2b the fibre volume fractions in the 𝑋 and 𝑌-
direction tows are 𝑓𝑋 = 𝑓𝑌 ≈ 68% while the 𝑍-direction tow comprises 𝑓𝑍 ≈ 30% fibres. The 
overall fibre volume fraction in the composite then follows as 𝑓 = 2𝑣𝑋𝑓𝑋 + 𝑣𝑍𝑓𝑍 ≈ 45%. The 
area fractions of the different phases are also of interest in the subsequent derivations of material 
properties. We calculate these area fractions on the surfaces of the cuboidal unit cell sketched in 
Figure 4.2b. For example, the area fraction of the 𝑍-direction tows on the 𝑋 − 𝑌 plane is denoted 
as ?̅?𝑋𝑌
𝑍 : the dimensions given in Figure 4.2b specify that ?̅?𝑋𝑌
𝑍 = 0.17. Similarly, ?̅?𝑋𝑌
𝑚 , ?̅?𝑍𝑌
𝑋 , ?̅?𝑍𝑌
𝑍  can 
be calculated to be 0.24, 0.30 and 0.41 respectively which are used in subsequent derivations of 
material properties. 
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4.2.3 Material properties 
The 3D noobed composite comprised Toray T700S 12k carbon fibre tows in a NM FW3070 epoxy 
matrix. The properties of these two constituents as given by the fibre and matrix manufacturers 
are: 
(i) The fibre Young’s modulus and Poisson’s ratio are 𝐸𝑓 = 210 GPa and 𝜈𝑓 = 0.25, respectively 
while the tensile strength of the fibres, 𝜎𝑓 = 4 GPa. 
(ii) The matrix Young’s modulus and Poisson’s ratio are 𝐸𝑚 = 3 GPa and 𝜈𝑚 = 0.25, respectively 
while the matrix tensile yield strength, 𝜎𝑚 = 140 MPa. 
 
These properties of the constituents can be used to derive estimates of the effective properties of 
the different phases in the 3D noobed composite comprised of four phases. The 𝑍-direction tows 
have a significantly larger cross-sectional area compared to the 𝑋 and 𝑌-direction tows. Thus, for 
purposes of the approximate analysis presented in Section 4.3 and the detailed finite element (FE) 
calculations in Section 4.4 we shall explicitly consider the 𝑍-direction tows but model the 𝑋 and 
𝑌-direction tows and the matrix pockets that surround the 𝑍-direction tows as a single effective 
medium. We shall thus first derive effective properties for the tows and then use them to estimate 
properties of this effective medium. For the sake of brevity, we shall subsequently refer to this 
effective medium as a homogenised matrix. All the relevant anisotropic properties will be stated 
using the global co-ordinate system. For example, 𝐸𝑍
𝑍 and 𝐸𝑋
𝑍 denote the longitudinal and 
transverse moduli, respectively of the 𝑍-direction tow (the superscript specifies that these 
properties relate to the 𝑍-direction tow while the subscripts specify the direction of the property). 
Similarly, 𝐸𝑋
𝑋 and 𝐸𝑍
𝑋 are the longitudinal and transverse moduli, respectively of the 𝑋-direction 
tow while 𝐸𝑋
ℎ and 𝐸𝑍
ℎ are the moduli of the homogenised matrix in the 𝑋 and 𝑍-directions, 
respectively. 
 
4.2.3.1 Elastic properties 
The tows are assumed to be transversely isotropic with the fibre direction normal to the plane of 
isotropy. We first consider the 𝑍-direction tows. The longitudinal modulus 𝐸𝑍
𝑍 is given by the Voigt 
bound as 𝐸𝑍
𝑍 = 𝑓𝑍𝐸𝑓 + (1 − 𝑓𝑍)𝐸𝑚 while the transverse moduli 𝐸𝑋
𝑍 = 𝐸𝑌
𝑍 are given by the 
equivalent Reuss bound. Since the Poisson’s ratios of the matrix and fibres are assumed equal, we 
take 𝜈𝑍𝑋
𝑍 = 𝜈𝑋𝑌
𝑍 = 𝜈𝑚 and the shear modulus 𝐺𝑋𝑍
𝑍  is estimated from a Reuss bound such that 
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1
𝐺𝑋𝑍
𝑍 =
2(1 + 𝜈𝑓)𝑓𝑍
𝐸𝑓
+
2(1 + 𝜈𝑚)(1 − 𝑓𝑍)
𝐸𝑚
. (4.1) 
The five independent elastic constants required to describe the elastic properties of the transversely 
isotropic 𝑍-direction tows are listed in Table 4.1. Equivalent estimates can be evaluated for the 𝑋 
(or 𝑌)-direction tows with 𝑓𝑍 replaced by 𝑓𝑋. These properties are also listed in Table 4.1 for the 
𝑋-direction tow. Note that the 𝑋-direction is normal to the plane of isotropy for the 𝑋-direction 
tow and hence the components of the elasticity tensor listed in Table 4.1 differ for the 𝑋 and 𝑍-
direction tows. 
 
We proceed to calculate the properties of the homogenised matrix that surrounds the 𝑍-direction 
tows. From the unit cell sketched in Figure 4.2b it is clear that this homogenised matrix is an 
orthotropic effective material with Young’s moduli equal in the 𝑋 and 𝑌-directions. Thus, in order 
to simplify the constitutive description, it is reasonable to assume that this homogenised matrix is 
also transversely isotropic with the 𝑍-direction being normal to the plane of isotropy. Again, since 
all the constituents have equal Poisson’s ratios it is reasonable to take 𝜈𝑍𝑋
ℎ = 𝜈𝑋𝑌
ℎ = 𝜈𝑚. The Voigt 
estimate for the moduli 𝐸𝑋
ℎ = 𝐸𝑌
ℎ is given as 
 𝐸𝑋
ℎ =
𝑣𝑋(𝐸𝑋
𝑋 + 𝐸𝑌
𝑋) + 𝑣𝑚𝐸𝑚
2𝑣𝑋 + 𝑣𝑚
, (4.2) 
while that for modulus 𝐸𝑍
ℎ is 
 𝐸𝑍
ℎ =
2𝑣𝑋𝐸𝑌
𝑋 + 𝑣𝑚𝐸𝑚
2𝑣𝑋 + 𝑣𝑚
. (4.3) 
Similarly, the shear modulus 𝐺𝑋𝑍
ℎ  is given by the Voigt bound as 
 𝐺𝑋𝑍
ℎ  =
𝑣𝑋(𝐺𝑌𝑍
𝑋 + 𝐺𝑋𝑍
𝑋 ) + 𝑣𝑚
𝐸𝑚
2(1 + 𝜈𝑚)
2𝑣𝑋 + 𝑣𝑚
, (4.4) 
where 𝐺𝑌𝑍
𝑋 = 0.5𝐸𝑌
𝑋/(1 + 𝜈𝑍𝑌
𝑋 ). The five independent elastic constants for this effective medium 
are listed in Table 4.1. 
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𝑍-direction 
tow 
𝐸𝑍
𝑍 = 65 𝐸𝑋
𝑍 = 𝐸𝑌
𝑍
= 4.2 
𝜈𝑍𝑋
𝑍 = 0.25 𝜈𝑋𝑌
𝑍 = 0.25 𝐺𝑋𝑍
𝑍 = 𝐺𝑌𝑍
𝑍
= 1.7 
𝑋-direction 
tow 
𝐸𝑍
𝑋 = 𝐸𝑌
𝑋
= 8.8 
𝐸𝑋
𝑋 = 142 𝜈𝑋𝑍
𝑋 = 0.25 𝜈𝑍𝑌
𝑋 = 0.25 𝐺𝑋𝑍
𝑋 = 𝐺𝑋𝑌
𝑋
= 3.6 
homogenised 
matrix 
𝐸𝑍
ℎ = 7.1 𝐸𝑋
ℎ = 𝐸𝑌
ℎ
= 54 
𝜈𝑍𝑋
ℎ = 0.25 𝜈𝑋𝑌
ℎ = 0.25 𝐺𝑋𝑍
ℎ = 𝐺𝑌𝑍
ℎ
= 2.8 
 
Table 4.1: The elastic properties of the transversely isotropic tows and the homogenised matrix in the 3D 
noobed composite. The 𝑋 and 𝑌 -direction tows have identical properties with the super/subscript 𝑋 
replaced by 𝑌. All the moduli are given in GPa. 
 
 
 
Figure 4.4: (a) Sketch of the homogenised matrix within the unit cell with the constituents of the 
homogenised matrix also indicated. The three regions A, B and C into which the homogenised matrix within 
the unit cell is divided for the analysis of the effective properties are also indicated. (b) Sketch of the indirect 
tension mechanism operative during the compression of region B in the 𝑍-direction. 
 
4.2.3.2 Plastic/failure strengths 
In estimating the plastic/failure strengths of the different phases we note that the strength for tensile 
loading along the fibre direction is limited by the failure strength 𝜎𝑓 of the fibres while loading in 
other directions (e.g. transverse or shear loading) is limited by flow of the matrix around fibres. 
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Since the fibre strength is significantly greater than the matrix strength, the fibres may be assumed 
to be rigid for the purposes of analysis of strength in matrix flow governed regimes. With this 
understanding, we proceed to develop estimates for the anisotropic strengths of the tows and the 
homogenised matrix. 
 
First consider the 𝑍-direction tow. The longitudinal tensile strength is limited by fibre fracture and 
directly given by a Voigt estimate as 𝑌𝑍
𝑍 = 𝑓𝑍𝜎𝑓 + (1 − 𝑓𝑍)𝜎𝑚. The calculation of the transverse 
strength is more complex. A Reuss estimate assuming rigid fibres will specify that the transverse 
strength is equal to that of the matrix. However, this is a poor estimate as the rigid fibres constrain 
the flow of the matrix and enhance the strength. Bele and Deshpande [24] provided a simple 
analytical estimate (verified via FE calculations) for the transverse strength of a composite 
comprising rigid cylinders dispersed in a plastic matrix. Here we use that prescription to estimate 
the transverse and shear strengths of the tow. The Hashin lower bound [25] for the Young’s 
modulus 𝐸 of a composite comprising a volume fraction 𝑓𝑍 of rigid inclusions in an incompressible 
matrix of modulus 𝐸𝑚 is 
 
𝐸
𝐸𝑚
= 1 +
5𝑓𝑍
2(1 − 𝑓𝑍)
. (4.5) 
This linear bound can be transformed to an estimate of the strength using the method proposed by 
Suquet [26] in which Eq. (4.5) is employed as a fictitious linear comparison composite. The 
transverse strength is then given as 
 𝑌𝑋
𝑍 = 𝑌𝑌
𝑍 = 𝜎𝑚√
𝐸
𝐸𝑚
(1 − 𝑓𝑍), (4.6) 
with 𝐸/𝐸𝑚 given by Eq. (4.5). The shear strengths are assumed to be related to the transverse 
strength via a Tresca yield criterion such that 𝑌𝑋𝑌
𝑍 = 𝑌𝑋𝑍
𝑍 = 𝑌𝑍𝑌
𝑍 = 𝑌𝑋
𝑍/2. These properties of the 𝑍-
direction tow are listed in Table 4.2. The plastic/failures strengths for the 𝑋-direction tow can also 
be estimated in an analogous manner and these predictions are also listed in Table 4.2.  
 
Next consider the homogenised matrix sketched in Figure 4.4a. Uniaxial loading in the 𝑋-direction 
results in longitudinal and transverse loading of the 𝑋-direction and 𝑌-direction tows, respectively 
as well as loading of the matrix pockets. The average stress sustained by this homogenised material 
at failure then follows as 
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 𝑌𝑋
ℎ = ?̅?𝑍𝑌
𝑋 (𝑌𝑋
𝑋 + 𝜎𝑚) + 0.5?̅?𝑍𝑌
𝑍 (𝜎𝑚 + 𝑌𝑌
𝑋), (4.7) 
with 𝑌𝑌
ℎ = 𝑌𝑋
ℎ. In order to calculate the strength 𝑌𝑍
ℎ it is convenient to divide the 𝑋 − 𝑌 plane of 
the homogenised matrix into three regions A, B and C as shown in Figure 4.4a. The uniaxial stress 
in the 𝑍-direction over regions A and C is limited to the matrix yield strength 𝜎𝑚 while compression 
of region B is equivalent to the compression of a cross-ply laminate. The out-of-plane compression 
of a cross-ply laminate results in the development of tensile stresses in the fibres due to the 
anisotropic Poisson expansion of the cross-plies (Figure 4.4b). This so-called indirect tension 
mechanism was analysed by Attwood et al. [27] who showed that the compressive strength of 
cross-ply laminates equals the in-plane tensile strength 𝑌𝑋
𝑋 of each lamina. The strength 𝑌𝑍
ℎ then is 
given by the average over the three regions such that 
 𝑌𝑍
ℎ =
2?̅?𝑋𝑌
𝑚 𝜎𝑚 + (1 − ?̅?𝑋𝑌
𝑍 − 2?̅?𝑋𝑌
𝑚 )𝑌𝑋
𝑋
1 − ?̅?𝑋𝑌
𝑍 , (4.8) 
where ?̅?𝑋𝑌
𝑚  is the area fraction that the matrix pockets occupy in the 𝑋 − 𝑌 plane on the surface of 
the unit cell (it is equal to the ratio of the area of region A to the area (1.81 + 1.25)2 mm2 of the 
unit cell projected on the 𝑋 − 𝑌 plane). We assume all shear strengths to be equal (𝑌𝑍𝑋
ℎ = 𝑌𝑍𝑌
ℎ =
𝑌𝑋𝑌
ℎ ) and given by a Voigt bound such that  
 𝑌𝑍𝑋
ℎ =
2𝑣𝑋𝑌𝑋𝑌
𝑋 + 𝑣𝑚𝜎𝑚/2
2𝑣𝑋 + 𝑣𝑚
, (4.9) 
where we have assumed that the matrix shear strength is 𝜎𝑚/2 (Tresca yield criterion). These 
plastic collapse and failure strengths are listed in Table 4.2. 
 
𝑍-direction 
tow 
𝑌𝑍
𝑍 = 1300 𝑌𝑋
𝑍 = 𝑌𝑌
𝑍
= 170 
𝑌𝑋𝑌
𝑍 = 𝑌𝑋𝑍
𝑍
= 𝑌𝑍𝑌
𝑍 = 85 
𝑋-direction 
tow 
𝑌𝑋
𝑋 = 2800 𝑌𝑍
𝑋 = 𝑌𝑌
𝑋
= 200 
𝑌𝑋𝑌
𝑋 = 𝑌𝑋𝑍
𝑋
= 𝑌𝑍𝑌
𝑋 = 100 
Homogenised 
matrix 
𝑌𝑍
ℎ = 1260 𝑌𝑋
ℎ = 𝑌𝑌
ℎ
= 940 
𝑌𝑍𝑋
ℎ = 𝑌𝑍𝑌
ℎ
= 𝑌𝑋𝑌
ℎ = 92 
 
Table 4.2: The plastic/failure strengths of the tows and the homogenised matrix in the 3D noobed 
composite. In this table, all the strengths are in MPa. 
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4.3 Measurements of the compressive response 
The aim of the experimental study is to measure the compressive response of the 3D noobed 
composites and investigate the deformation/failure mechanisms. We first describe the 
measurement protocols and then proceed to discuss observations of the compressive behaviour. 
 
 
 
Figure 4.5: Sketch of the setup used for the compression of the 3D noobed composite in the 𝑍 and 𝑋-
directions. The inset includes a sketch of the cuboidal specimen. 
 
4.3.1 Measurement protocol 
Tests were conducted to measure the response of these composites subjected to uniaxial 
compression in the 𝑍-direction as well as the 𝑋 and 𝑌-directions. The compressive response was 
measured using cuboidal specimens of length 41 mm and a 10 mm square cross-section, i.e. for 
compression in the 𝑍-direction the 41 mm edge of the specimen was aligned with the 𝑍-direction 
of the material while for compression in the 𝑋-direction the 41 mm edge was along the 𝑋-direction 
of the material. This size ensured that there were at least 3×3 𝑍-direction tows over the cross-
section of the specimens used to measure the compressive responses in the 𝑍-direction and the 
specimens used for measuring in the 𝑋-direction had 3×12 tows over the cross-section. The 
specimens were first cut to approximately the correct size using a diamond edged band-saw and 
then milled down to their final dimensions so as to ensure that the cuboids had parallel sides. These 
cuboids were then press-fitted into loading platens that had a 13 mm deep recess with a 10 mm 
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cross section. This resulted in a compression setup wherein the gauge length of the specimen was 
15 mm as sketched in Figure 4.5. Guide-pins were employed as shown in Figure 4.5 to minimize 
the introduction of bending loads into the specimen. Loading was performed in a screw-driven test 
machine at an applied cross-head displacement rate of 0.2 mm/min. The applied load was measured 
via the load cell of the test machine and used to define the nominal compressive stress 𝜎𝑛 while 
the compressive strain was measured via a laser extensometer over a 12 mm central gauge section 
of the specimen. 
 
In addition to tests to measure the overall compressive response, we also performed interrupted 
tests wherein the specimens were unloaded after a specified level of compression and then imaged 
to observe the deformation/failure modes. Two types of imaging were performed: (i) XCT imaging 
which is non-destructive and (ii) high resolution optical imaging of the interior of the specimens. 
This optical imaging involved polishing of the specimen to expose the specimen interior and hence 
was a destructive process. The unloaded specimen was polished with SiC abrasive paper first using 
a coarse-grit (P220-P400) until approximately the mid-section of the specimen was exposed. Then, 
another 1 mm or so of the specimen was further abraded using a fine-grit (P800-P4000) in order 
to obtain a clean and smooth surface for imaging. In order to maximise the resolution of the images 
while still imaging a large enough area to clearly expose the deformation/failure modes, the imaged 
area was divided into a grid comprising approximately 200 squares. Each of these squares was 
imaged separately and the entire imaged section was then reconstructed by stitching together these 
sub-images. 
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Figure 4.6: (a) The measured and FE prediction (details in Section 4) of the uniaxial compressive stress 𝜎𝑛 
versus compressive strain 𝜀𝑛 response for compression in the 𝑍-direction. FE predictions of the unloading 
response from selected applied strain levels prior to ultimate failure are also included. (b) FE predictions of 
the deformed unit cell with distributions of the plastic strain 𝜀𝑋𝑍
𝑝
 at four levels of applied strain (labelled P, 
Q, R and S) as indicated in (a). The images of the unit cell show the 𝑋 − 𝑍 plane. 
 
4.3.2 Compression in the 𝒁-direction 
The measured uniaxial compression response in the 𝑍-direction is plotted in Figure 4.6a in terms 
of the applied nominal stress 𝜎𝑛 versus the nominal strain 𝜀𝑛 (here both the stress and strain are 
defined positive in compression). The measured response is atypical compared to the usual elastic-
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brittle compressive response of traditional CFRPs. In particular, after an initial elastic response 
with a modulus of 18.5 GPa, the 3D noobed composite displays a small stress plateau at around 
300 MPa followed by almost linear strain hardening with a hardening modulus of 4.7 GPa. Fracture 
of the specimen with loss of load carrying capacity occurs at a nominal compressive strain of about 
10%, which is about a factor of three higher, compared to the compressive failure strains of usual 
CFRPs. In order to understand this rather unique compressive response we performed interrupted 
tests to visualise the deformation modes via optical microscopy as described above. 
 
 
Figure 4.7: (a) Measured loading/unloading curves for compression in the 𝑍-direction. The measurements 
are shown for four specimens (labelled A through D), each compressed to different levels of strain 𝜀𝑛. The 
sketch in the inset shows plane along which the specimens were sectioned and optically imaged. (b-e) 
Optical images showing the development and propagation of kink-bands in the 𝑍-direction tow in the 4 
sectioned specimens.  
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Tests on four different specimens (labelled A through D) were conducted with the tests interrupted 
after applied strains 𝜀𝑛 = 1.8%, 2.3%, 5.3% and 9.3%. The measured 𝜎𝑛 versus 𝜀𝑛 curves 
including the unloading responses are included in Figure 4.7a for each of these specimens. 
Remarkably, the unloading behaviour is not linear elastic but upon load removal there is near 
complete recovery of the applied strain. This is reminiscent of reverse plasticity associated with 
the Bauschinger effect in metals. We proceed to discuss the reasons for this recovery along with 
the deformation mechanisms as discerned from the optical images.  
 
The optical images of a section parallel to the 𝑋 − 𝑍 plane (see sketch in the inset of Figure 4.7a) 
are included in Figs. 4.7b through 4.7e for the four specimens A through D, respectively. In each 
of the images, there are 3 tows in the 𝑍-direction with the 𝑌-direction tows and the matrix pockets 
giving rise to the banded microstructure between the 𝑍-direction tows (the 𝑋-direction tows are 
not visible in the sectioned plane). In all the four samples, there is no clear deformation visible in 
the 𝑌-direction tows and the matrix pockets but there is clear evidence of the formation of bands 
of intense deformation, akin to kink bands in traditional unidirectional fibre composites, in the 𝑍-
direction tows. In specimen A, which was unloaded from 𝜀𝑛 = 1.8%, a single kink is observed but 
with increasing applied strain 𝜀𝑛 the number of such kinks within the 𝑍-direction tows increases 
and in fact some of these kinks “reflect” so that a zig-zag pattern of kinks is observed. We therefore 
infer that the non-linear deformation that commences at 𝜎𝑛 ≈ 300MPa is due to the formation and 
propagation of these kink bands while the remainder of the composite (i.e. homogenised matrix) 
remains elastic. Thus, upon unloading there is the near complete recovery of the imposed strains 
as material surrounding the 𝑍-direction tows recovers elastically. 
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Figure 4.8: Optical micrographs of kinks in specimen D (Figure 4.7a) at different levels of magnification.  
 
While the dark bands in the 𝑍-direction tows in Figs. 4.7b-4.7e are reminiscent of kinks it is 
instructive to observe the structure within these bands via higher resolution images. Such images 
are included in Figure 4.8 (at four different levels of increasing magnification) for the kinks in 
specimen D. Clear evidence of fibre kinking with fibre fracture demarking the boundary between 
the kinked and unkinked regions is observed very similar to the well-established 
microbuckling/kinking behaviour in unidirectional carbon fibre composites. We proceed to discuss 
the differences and similarities between kinking in the 𝑍-direction tows in these 3D composites 
and kinking in unidirectional CFRPs.  
 
A magnified view of a double kink-band in the 𝑍-direction tow at an applied strain 𝜀𝑛 = 2.3% 
(just post the onset of the non-linearity in the stress versus strain response) is included in 
Figure 4.9a. Budiansky [28] estimated the single kink-band width to be  
 
𝑤
𝑑
=
𝜋
4
(
𝐸𝑍
𝑍
2𝜏𝑌
)
1/3
 (4.10) 
where from Section 4.2.3.1, 𝐸𝑍
𝑍 = 65 GPa is the longitudinal modulus of the 𝑍-direction tow and 
𝜏𝑌 = 85 MPa is the shear yield strength of 𝑍-direction tow. The measured and predicted kink 
widths are in somewhat approximate agreement with 𝑤 = 40 μm from Eq. (4.10) and the 
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measured value of 𝑤 ≈ 26 μm for single kink band. Next consider the stress 𝜎𝑐 for the onset of 
non-linearity that is set by kink formation in the 𝑍-direction tows. Since the homogenised matrix 
is elastic when micro-buckling is induced in the 𝑍-direction tows it follows that 𝜎𝑐 is given by 
 𝜎𝑐 = ?̅?𝑋𝑌
𝑍 𝜎𝑏 + (1 − ?̅?𝑋𝑌
𝑍 )𝜎𝑏
𝐸𝑍
ℎ
𝐸𝑍
𝑍, (4.11) 
where ?̅?𝑋𝑌
𝑍 = 0.17 is the area fraction of the 𝑍-direction tows on the 𝑋 − 𝑌 plane while 𝜎𝑏 is the 
micro-buckling stress of the 𝑍-direction tows. This micro-buckling stress is given in terms of the 
fibre-misalignment ?̅? with respect to the longitudinal axis as [29]   
 𝜎𝑏 =
𝜏𝑌
?̅?
 . (4.12) 
Using the material parameters from Section 4.2.3 with ?̅? = 5o, we estimate 𝜎𝑐 = 254 MPa which 
is in reasonable agreement with the measurements. Thus, the onset of the non-linearity in the 
response including the width of the kink-band within the 𝑍-direction tows is reasonably well 
predicted by the traditional kinking analysis. However, subsequent to the formation of the initial 
kink, the 3D noobed composite displays a hardening stress versus strain response (unlike 
traditional CFRPs). This is because the kinks in the 𝑍-direction tows do not propagate into the rest 
of the composite but rather zig-zag as seen in Figure 4.8. This is because the kinks are constrained 
by the material surrounding the 𝑍-direction tows that remains elastic. However, in addition to the 
zig-zagging these kink bands also broaden as seen in micrograph at 𝜀𝑛 ≈ 9% included in Figure 
4.9b: multiple fibre fractures and a kink width 𝑤 ≈ 190μm is observed in contrast to the 𝑤 ≈
48μm double kink band in Figure 4.9a. We thus conclude that while there are clear similarities 
with the compressive response of traditional CFRPs, the 3D noobed composites differ by: (i) 
displaying a hardening compressive response with a large compressive ductility and (ii) the 
formation of multiple kinks (some of which zig-zag) rather than a single kink band.  
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Figure 4.9: Optical micrographs that show kink-bands in the 𝑍-direction tow for a specimen compressed 
in the 𝑍-direction to strains (a) 𝜀𝑛 ≈ 2% and (b) 𝜀𝑛 ≈ 9%.  
 
 
4.3.3 Compression in the X or Y – directions 
The compressive response of the 3D noobed composite in the 𝑋 and 𝑌-directions is almost 
indistinguishable and hence here we only discuss the compressive behaviour in the 𝑋-direction. 
The measured response is included in Figure 4.10a and the key differences with respect to the 
compression response in the 𝑍-direction are: (i) a higher modulus in the 𝑋-direction; (ii) a higher 
critical stress for the onset of the non-linearity and (iii) no hardening subsequent to the onset of 
the non-linearity with a significantly lower ductility compared to compression in the 𝑍-direction. 
These differences can be understood in terms of the high fibre volume fractions in the 𝑋 and 𝑌-
direction tows compared to the 𝑍-direction tows. We proceed here to explain these differences in 
a qualitative manner with a detailed numerical analysis given in Section 4.4. 
 
The higher modulus of the 3D noobed composite in the 𝑋-direction follows directly from the fact 
that the 𝑋-direction tows have a higher fibre volume fraction with 𝑓𝑋 ≈ 68% and that the volume 
fraction of the 𝑋-direction tows 𝑣𝑋 > 𝑣𝑍. In order to understand the compressive failure 
mechanisms and lower compressive ductility we performed both interrupted tests with XCT scans 
of the specimen and destructive optical imaging. The XCT scans (after unloading) of the specimens 
at three different stages of the deformation are included in Figure 4.11. Scan A is in the elastic 
domain and there is no clear visible deformation/failure in the images of the 𝑋 − 𝑍 and 𝑋 − 𝑌 
planes. Some evidence of cracking is visible in scan B which is taken immediately after the peak 
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load is attained while scan C which is taken after loading to 𝜀𝑛 ≈ 3.5% shows extensive 
localisation of the deformation across the entire specimen width. The deformation is severe at the 
tows near the edges as the confinement is the least. However, the resolution of these XCT scans is 
not sufficient to discern the fibre fracture modes and hence we also performed destructive optical 
imaging of a specimen deformed to just beyond the peak load. These optical images are included 
in Figure 4.12 showing views of two different planes 𝑋 − 𝑍 and 𝑋 − 𝑌. Intriguingly, similar to the 
multiple kink bands seen in the 𝑍-direction tows in Figs. 4.7 and 4.8, multiple and zig-zagged 
kinks are also observed in the 𝑋-direction tows although this multiple kinking is not as extensive. 
We thus hypothesize that the formation of these kinks sets the peak compressive stress. However, 
unlike compression in the 𝑍-direction there is no hardening beyond the stress required to initiate 
kinking. We attribute this to the high strength in the 𝑋-direction and the relatively low shear 
strength of the 𝑍-directions tows that allows kinks that form in the 𝑋-direction tows to propagate 
across the specimen width. We shall use FE calculations to better understand this deformation 
mode and the differences between the compressive responses in the 𝑋 and 𝑍-directions. 
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Figure 4.10: (a) The measured and FE prediction (details in Section 4) of the uniaxial compressive stress 
𝜎𝑛 versus compressive strain 𝜀𝑛 response for compression in the 𝑋-direction. (b) FE predictions of the 
deformed unit cell with distributions of the plastic strain 𝜀𝑋𝑌
𝑝
 at three levels of applied strain (labelled P, Q 
and R) as indicated in (a). The images of the unit cell show the 𝑋 − 𝑌 plane. 
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Figure 4.11: XCT scans of the 3D noobed composite at three levels of compression in the 𝑋-direction. (a) 
The measured stress 𝜎𝑛 versus strain 𝜀𝑛 response with the strain levels (labelled A through C) where the 
specimen was imaged marked. The inset shows a sketch of the imaged planes. XCT images of the three 
specimens with views of the (b) 𝑋 − 𝑍 plane and (c) the 𝑋 − 𝑌 plane. 
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4.4 Finite element modelling of the compressive response 
In order to improve our understanding of the observed deformation and failure modes we report 
FE calculations of the compressive responses in the 𝑍 and 𝑋-directions. These calculations are 
continuum calculations wherein the discrete microstructure comprising fibres and matrix is not 
modelled explicitly. Rather, we keep the model relatively simple so as to aid interpretation but of 
course include sufficient physics to capture the experimental observations. With this in mind we 
report calculations where the composite is modelled using the homogenised properties of the tows 
as reported in Section 4.2.3. 
 
We analyse two separate repeating unit cells for compression in the 𝑋 and 𝑍-directions. The unit 
cell for the analysis of the compression in the 𝑍-direction is first described. The repeating unit cell 
is cuboidal with a square cross-section of side 3.06 mm and height 7.5 mm representing half the 
gauge length of the tested specimen. The cell comprises a single 𝑍-direction tow of cross-section 
1.25 mm ×1.25 mm surrounded by the 𝑋 and 𝑌-direction tows as well as the matrix pockets as 
shown in Figure 4.13a. While the 𝑍-direction tow is modelled as a distinct material with properties 
as described in Section 4.2.3, the 𝑋 and 𝑌-direction tows as well as the matrix pockets are not 
modelled explicitly but rather as a single homogenous continuum (Figure 4.13b), i.e. as the 
homogenised matrix described in Section 4.2.3. This approximation is employed as the very large 
number of distinct constituents that are present in the material surrounding the 𝑍-direction tow 
makes the fully discrete approach numerically very expensive. The unit cell for modelling 
compression in the 𝑋-direction is sketched in Figure 4.13c. This cell is also a cuboid with a 
rectangular cross-section of sides 3.06 mm (𝑌) and 2.4 mm (𝑍) and height 9.18 mm. Thus, the unit 
cell comprises three 𝑍-direction tows as shown in Figure 4.13c surrounded by the homogenised 
matrix consistent with the approach used to the model the 𝑍-direction compression. 
 
4.4.1 Material model 
Two anisotropic materials are used to model the 𝑍-direction tows and the homogenised matrix. 
Here we detail the material properties used to describe both these materials. Both materials are 
modelled as anisotropic elastic, perfectly plastic materials with the anisotropic plasticity described 
by the Hill [30] anisotropic plasticity model.  
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First consider the 𝑍-direction tow. We model it as a transversely isotropic medium with the 𝑍 or 
fibre direction being normal to the plane of isotropy. Then the elastic strains 𝜀𝑖𝑗
𝑒  are related to the 
stresses 𝜎𝑖𝑗 in the (𝑋, 𝑌, 𝑍) co-ordinate system via 5 independent elastic constants as 
 
(
 
 
 
 
𝜀𝑋𝑋
𝑒
𝜀𝑌𝑌
𝑒
𝜀𝑍𝑍
𝑒
𝜀𝑌𝑍
𝑒
𝜀𝑋𝑍
𝑒
𝜀𝑋𝑌
𝑒 )
 
 
 
 
=
(
 
 
 
 
 
1/𝐸𝑋
𝑍 −𝜈𝑌𝑋
𝑍 /𝐸𝑋
𝑍 −𝜈𝑍𝑋
𝑍 /𝐸𝑍
𝑍 0 0 0
−𝜈𝑋𝑌/𝐸𝑋
𝑍 1/𝐸𝑋
𝑍 −𝜈𝑍𝑋
𝑍 /𝐸𝑍
𝑍 0 0 0
−𝜈𝑋𝑍
𝑍 /𝐸𝑋
𝑍 −𝜈𝑋𝑍
𝑍 /𝐸𝑋
𝑍 1/𝐸𝑍
𝑍 0 0 0
0 0 0 1/(2𝐺𝑌𝑍
𝑍 ) 0 0
0 0 0 0 1/(2𝐺𝑌𝑍
𝑍 ) 0
0 0 0 0 0 (1 + 𝜈𝑋𝑌
𝑍 )/𝐸𝑋
𝑍
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𝜎𝑋𝑋
𝜎𝑌𝑌
𝜎𝑍𝑍
𝜎𝑌𝑍
𝜎𝑋𝑍
𝜎𝑋𝑌)
 
 
 
. (4.13) 
 
The total strain rate is then written as the sum of the elastic and plastic strain rates such that  
 𝜀?̇?𝑗 = 𝜀?̇?𝑗
𝑒 + 𝜀?̇?𝑗
𝑝 , (4.14) 
with the plastic strain rate given by the associated flow rule  
 𝜀?̇?𝑗
𝑝 = ?̇?
𝜕𝛷
𝜕𝜎𝑖𝑗
, (4.15) 
in terms of the plastic multiplier ?̇? and the Hill yield potential 𝛷. This potential is specified in 
terms of the constants 𝐹, 𝐺, 𝐻, 𝐿,𝑀 and 𝑁 as 
 
2𝛷 ≡ 𝐹(𝜎𝑌𝑌 − 𝜎𝑍𝑍)
2 + 𝐺(𝜎𝑍𝑍 − 𝜎𝑋𝑋)
2 + 𝐻(𝜎𝑋𝑋 − 𝜎𝑌𝑌)
2
+ 2𝐿𝜎𝑌𝑍
2 + 2𝑀𝜎𝑍𝑋
2 + 2𝑁𝜎𝑋𝑌
2 , 
(4.16) 
such that continued plastic flow occurs with 𝛷 = 1/2. The six constants 𝐹, 𝐺, 𝐻, 𝐿,𝑀 and 𝑁 then 
follow from six strengths with respect to the principal axes of anisotropy, i.e. 
 𝐺 + 𝐻 =
1
(𝑌𝑋
𝑍)2
,    𝐹 + 𝐻 =
1
(𝑌𝑌
𝑍)2
   and   𝐺 + 𝐹 =
1
(𝑌𝑍
𝑍)2
,    (4.17) 
where 𝑌𝑋
𝑍, 𝑌𝑌
𝑍 and 𝑌𝑍
𝑍 are the tensile strengths in the 𝑋, 𝑌 and 𝑍-directions, respectively (note that 
the Hill model assumes equal compressive and tensile strengths). Similarly, the shear strengths 
𝑌𝑌𝑍
𝑍 , 𝑌𝑍𝑋
𝑍  and 𝑌𝑋𝑌
𝑍  give the remaining constants via 
 𝐿 =
1
2(𝑌𝑌𝑍
𝑍 )2
,    𝑀 =
1
2(𝑌𝑍𝑋
𝑍 )2
   and   𝑁 =
1
2(𝑌𝑋𝑌
𝑍 )2
.   (4.18) 
The 5 elastic constants and the 6 strengths required for the constitutive model of the 𝑍-direction 
tow are listed in Tables 4.1 and 4.2, respectively.  
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The material surrounding the 𝑍-direction tows comprises the 𝑋 and 𝑌-direction tows as well as the 
matrix pockets. This material is modelled as a single effective medium labelled the “homogenised 
matrix”. Based on the discussion in Section 4.2.3, we model this homogenised matrix as a 
transversely isotropic medium with the 𝑍-direction being normal to the plane of isotropy. Thus, 
again we use an elastic law of the form Eq. (4.13) with plastic flow modelled via Hill’s anisotropic 
plastic model. The elastic and plastic properties of this effective medium as derived in Section 
4.2.3 are listed in Tables 4.1 and 4.2, respectively. These properties can be used in the elastic law 
that is analogous to Eq. (4.13) and also to determine the 6 constants of the Hill model. 
 
4.4.2 The boundary value problem 
The finite element (FE) calculations were performed using the commercial FE package ABAQUS 
with the unit cells (Figs. 4.13b and 4.13c) discretised using 8 noded linear brick elements with 
reduced integration (C3D8R in the ABAQUS notation). Cubic elements of side approximately 
0.05 mm were employed to discretise both the 𝑍-direction tows and the surrounding homogenised 
matrix: calculations with further mesh refinements revealed no significant changes in the 
numerical results. Uniaxial compression was simulated by enforcing displacement boundary 
conditions on the top and bottom surfaces of the unit cell with the four side surfaces being traction-
free: periodic boundary conditions were not enforced so as to allow the formation of kink-bands. 
Since the unit cell had 1/9th the cross-sectional area of the specimen employed in the experiments, 
we needed to ensure that global buckling was not operative in the numerical simulations. We 
achieved this by analysing a unit cell with about half the gauge height of the specimen used in the 
experiments. In all the calculations, perfect bonding was assumed between the 𝑍-direction tow and 
the surrounding homogenised matrix. 
 
In the 𝑍-direction compression calculations, an imperfection was introduced into the 𝑍-direction 
tow in order to initiate a kink band. This imperfection as sketched in Figure 4.13d comprised a 
region of width 𝑤 = 200 μm inclined at an angle 𝛽 = 20o with respect to the 𝑋-direction. The 
fibres were assumed to be misaligned within this imperfect region. This misalignment was 
specified by rotating the principal axes of the material anisotropy such that the material 𝑍-direction 
was at an angle ?̅? = 5o with respect to the global 𝑍-direction in the 𝑋 − 𝑍 plane as shown in 
Figure 4.13d. Such a prescription of the initial imperfection to initiate a kink-band is commonly 
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employed [4,31] and consistent with a range of experimental observations [32]. The FE mesh was 
such that the misalignment had at least 4 elements across its width (Figure 4.13e). No imperfection 
was employed for the 𝑋-direction compression simulations as the 𝑋-direction tows were not 
explicitly modelled but rather homogenised with the 𝑌-direction tows and the matrix pockets. 
 
 
 
Figure 4.12: Optical micrographs of the 3D noobed composite compressed in the 𝑋-direction to just beyond 
the peak load. The images are taken on central sections through the specimen on (a) the 𝑋 − 𝑍 plane and 
(b) the 𝑋 − 𝑌 plane. 
 
4.4.3 Numerical results 
The FE prediction of the 𝑍-direction compressive response of the composite is included in Figure 
4.6a while predictions of the deformed configurations of the unit cell at four selected values of 
applied strain 𝜀𝑛 are included in Figure 4.6b (marked P, Q, R and S in Figure 4.6a). Contours of 
the plastic strain 𝜀𝑋𝑍
𝑝
 are included in these images to highlight the regions of the local deformations 
and the associated kink-bands. The FE prediction of the overall stress versus strain response is in 
excellent agreement with the measurements (Figure 4.6a). This agreement follows from 
predictions of the deformation modes seen in Figure 4.6b. At around the onset of non-linearity (P) 
a kink-band forms in the 𝑍-direction tow from the initial imperfection included in the tow. With 
increasing strain (Q) there is negligible plastic straining outside the 𝑍-direction tow but multiple 
kinks including reflected kinks are observed in the 𝑍-direction tow in line with the micrographs in 
Figure 4.7. At near the peak stress (R), plastic deformation is seen to initiate in the material outside 
the 𝑍-direction tow and beyond the peak load (S) a kink band that spans across the entire width of 
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the unit cell is predicted consistent with the overall failure of the specimen. These results 
demonstrate that the onset of the non-linearity is set by kink band formation and hence accurately 
predicted by Eqs. (4.11) and (4.12). On the other hand, the subsequent hardening is mainly due to 
the elastic compression of the material surrounding the 𝑍-direction tow. Consequently, consistent 
with the measurements shown in Figure 4.7a, the unloading FE calculations predict significant 
recovery of the applied compressive strains along with reverse plasticity in the 𝑍-direction tows. 
Final failure results from failure of the surrounding material via the indirect tension mechanism 
discussed in Section 4.2.3. This understanding allows an approximate estimation of the peak 
strength by assuming that the 𝑍-direction tow has no load carrying capacity after the onset of 
kinking. The peak strength 𝜎𝑝 is then given as 𝜎𝑝 = (1 − ?̅?𝑋𝑌
𝑍 )𝑌𝑍
ℎ ≈ 1 GPa where 𝑌𝑍
ℎ =
1260 MPa(Table 4.2). This approximate prediction overestimates the strength even though it 
ignores any contribution from the 𝑍-direction tow. We trace this discrepancy to the fact that this 
approximate analysis neglects the stress concentrations that develop in the homogenised matrix 
due to the formation of kinks in the 𝑍-direction tow. Hence, full FE calculations as performed here 
are required to accurately predict these stress concentrations and the peak 𝑍-direction strength of 
the composite. We emphasize here that consistent with the measurements, the FE calculations 
predict elastic recovery of the specimen prior to collapse of the entire specimen. This is because 
even though the 𝑍-direction tow forms kinks and deforms plastically; the surrounding material 
remains elastic. Note that the simulation result is sensitive to the misalignment angle ?̅? with 
regards to the onset of non-linearity in the loading curve as this corresponds to the formation of 
first kink bands. However, the eventual failure load is not sensitive to ?̅? since this corresponds to 
the indirect tension failure.  
 
Prediction of the 𝑋-direction compressive response is included in Figure 4.10a with deformed 
configurations shown in Figure 4.10b at selected applied strains (marked P, Q and R in Figure 
4.10a). Here contours of the plastic strain 𝜀𝑋𝑌
𝑝
 are included on the deformed configurations. The 
FE prediction of the stress versus strain response is in reasonable agreement with the 
measurements except for the fact that the FE calculations over-predict the peak strength. This is 
because no initial imperfection is included in these FE calculations since the 𝑋-direction tows are 
not explicitly modelled. Consistent with observations (Figs. 4.11 and 4.12) no significant localised 
deformation is observed prior to the peak stress though the FE calculations show strain 
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concentrations emanating from the corners of the 𝑍-direction tows. At the peak stress, kink bands 
initiated from these concentrations at the corners of the 𝑍-direction tows span across the unit cell. 
Consistent with the measurements, these kink bands cause a large loss in load carrying capacity. 
We emphasize here that since the 𝑋-direction tows are not explicitly modelled; this model does 
not have the resolution required to study the formation of kink bands within these tows as seen in 
Figure 4.12. Thus, formation of kink-bands in the effective material around the 𝑍-direction tows 
results in complete collapse of the specimen. This is because the 𝑍-direction tows are weaker 
compared to the 𝑋 and 𝑌-direction tows (as they have a smaller fibre volume fraction) and have 
already attained their transverse collapse stress prior to the failure of the homogenised matrix. In 
summary, we hypothesise that high compressive ductility is only expected when the material 
surrounding the tows in the compression direction has a higher compressive strength than the tows 
undergoing axial compression. Of course, further experiments in which fibre volume fractions in 
the noobed composites are varied and associated FE calculations are required to confirm this 
hypothesis. This is beyond the scope of the current investigation. 
 
4.5 Concluding remarks 
We have reported the compressive response of a carbon fibre/epoxy composite comprising non-
interlaced carbon fibre tows in three orthogonal directions. In contrast to traditional unidirectional 
and two-dimensional (2D) composites, stable and multiple kinks form in the tows aligned with the 
compression direction. This is due to the constraint imposed by the surrounding material that 
comprises tows in two orthogonal directions. Compression in the low fibre volume fraction 
direction results in a high compressive ductility of about 10%. The onset of the nonlinear response 
occurs at about 2% applied strain associated with the formation of kink bands within the tows in 
the compression direction. These initial kink bands are well predicted by the well-established 
micro-buckling theories developed for unidirectional fibre composites. However, unlike traditional 
CFRPs these 3D composites display a subsequent stable and strain hardening response along with 
the formation of multiple zig-zagging kink bands. Finite element (FE) calculations with the tows 
modelled as anisotropic continua are also reported to understand the deformation/failure modes in 
these composites. These FE calculations predict both the compressive response and the observed 
deformation and failure modes including the zig-zagging kink bands with reasonable accuracy. In 
particular, the FE calculations confirm that for compression in the low fibre volume fraction 
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direction, overall failure of the composites is not set by the formation of kink bands within the 
tows aligned with the compression direction. Rather the loss of load carrying capacity results from 
compressive failure of the material surrounding tows aligned with the compression direction. 
 
 
Figure 4.13: (a) Sketch of the unit cell of the 3D noobed composite for compression in the 𝑍-direction. The 
sketch shows four separate constituent phases of the composite within the unit cell. Sketches of the unit cell 
with the homogenised matrix used in the FE calculations of compression in the (b) 𝑍-direction and (c) 𝑋-
direction. (d) A sketch of section AA of the unit cell in (b) to illustrate the geometric imperfection included 
in the 𝑍-direction tow. (e) Typical mesh of the imperfection zone, 𝑍-direction tow and homogenised matrix. 
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CHAPTER FIVE 
5   Indentation response of a 3D non-woven carbon-fibre composite 
 
Synopsis 
The indentation response of a 3D non-interlaced composite comprising three orthogonal carbon 
fibre tows in an epoxy matrix is studied and the deformation/failure modes are analysed by a 
combination of X-ray tomography and optical microscopy. The 3D composites have a near 
isotropic and ductile indentation response and the deformation mode includes the formation of 
multiple kink bands in the tows aligned with the indentation direction and shearing of the 
orthogonally oriented tows. This contrasts with the highly anisotropic response of traditional cross-
ply composites where indentation results in either brittle tensile fracture of the plies or 
delamination depending on the indentation direction. FE calculations are also reported wherein 
tows in only one direction are explicitly modelled with the other two sets of orthogonal tows and 
the matrix pockets treated as an effective homogenous medium. The calculations are shown to 
capture the indentation response in the direction of the explicitly modelled tows with excellent 
fidelity but under-predict the indentation strength in the other directions. This study has 
highlighted that in contrast to anisotropic and brittle laminated composites, 3D non-interlaced 
composites have a near isotropic and ductile indentation response. This makes them strong 
candidates for application as materials to resist impact loading.  
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5.1 Introduction 
Composite materials such as carbon fibre reinforced polymer (CFRP) composites made by 
laminating uni-directionally reinforced plies are extensively used in civil and aircraft structures 
due to their high specific strength and stiffness, superior corrosion resistance and improved fatigue 
resistance compared to conventional engineering materials such as aluminium and steel [1-3]. 
However, such materials are susceptible to interply delamination [4,5], which traditionally has 
limited their use in situations where impact loading can occur. However, lightweighting programs 
for transportation structures is driving renewed interest in composite materials for impact 
protection systems. For example, military vehicles are required to resist projectile impacts while 
in civilian aircraft applications the engines and airframes must be able to resist impacts from hail, 
bird strikes and impact by other foreign objects. In most cases, the structure needs to be able to 
retain its structural integrity after impact loading, which presents a serious challenge for traditional 
laminated composites. 
Impact loads induce a range of damage modes in composites that seriously degrade their 
mechanical performance. These damage modes include matrix cracks, delamination between plies 
and fibre fracture. Delamination under impact loading is a particularly critical damage mode as it 
results in a significant reduction in the mechanical performance of the composite in spite of the 
fact that the fibres remain intact. A number of approaches have been proposed to tailor the 
fibre/tow architectures to enhance the delamination resistance. These include Z-pinning [6,7], 
stitching [8,9] and knitting [10] but these methods have had only marginal success as the 
reinforcements are unable to withstand the large out-of-plane stresses that are generated under 
impact loading. More recently, a range of methods have been developed to manufacture three-
dimensional (3D) fibre preforms wherein tows are present in at-least three orthogonal directions; 
see Khokar [11] for a detailed review of these techniques. As discussed in the previous Chapter, 
these 3D fibre preforms can be broadly classified into three categories: (i) 2D woven 3D fabrics 
produced by usual 2D weaving methods with mono-directional shedding; (ii) 3D woven 3D fabrics 
produced by a dual-direction shedding system and (iii) non-woven 3D fabrics without interlacing 
or interweaving produced by a technique known as “noobing” that is described in Section 5.2. This 
emerging ability to independently manipulate the volume fractions of fibre in three directions not 
only allows tailoring of the multi-axial properties of composites [12] but it also greatly reduces 
their susceptibility to delamination, and improve the impact resistance of CFRPs [13-15]. 
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However, a key drawback of 3D composites compared to laminated counterparts is their reduced 
elastic modulus due to significant fibre waviness. This waviness also influences compressive 
strength. For example, Kuo and Ko [16] modified a conventional weaving machine to produce 3D 
composites with orthogonal non-woven yarns. Although the composite showed high ductility in 
compression, the inherent fibre waviness resulting from their modified weaving process 
significantly reduced the compressive strength.  
Impacts by hail particles or bird strike with aircraft structures are typically categorised as relatively 
low velocity impacts. Even so, visualisation of their damage modes is hindered by the difficulty 
of observing internal failure modes via methods like in-situ X-ray tomography (XCT) during 
impact events. Even interrupting the test to characterize damage modes can change the 
deformation/failure modes. Thus, damage visualisation in low velocity impact tests is typically 
restricted to post-mortem inspections. However, since stress waves travel and reflect multiple 
times from the edges of a target during the time for which a projectile is in contact with the target 
[17,18], low velocity impacts can be well approximated as quasi-static. Hence, quasi-static 
indentation tests are often employed to develop an initial understanding of the impact response of 
composites [19] and a number of studies [20,21] have now demonstrated the equivalence between 
low velocity impact and quasi-static indentation tests.  
The study reported here investigates the quasi-static indentation response of a 3D non-woven 
carbon fibre/epoxy composites manufactured by the noobing process that was studied in Chapter 
4. This process significantly reduces fibre waviness and hence enhances the elastic modulus and 
compressive strength of such composites (Chapter 4). Both measurements and finite element 
simulations are reported with the aim of developing an understanding of the indentation 
deformation and failure modes. The indentation mechanisms of this 3D composite are contrasted 
with those of traditional cross-ply laminate composites in order to assess their suitability for impact 
protection applications. 
 
5.2 Materials and manufacture 
The study primarily focuses on the 3D noobed9 composites (prepared by noobing technique [23]) 
studied in Chapter 4. In order to put the behaviour of such noobed composites in context, we also 
report the equivalent responses of a standard two-dimensional (2D) cross-ply composite. One of 
                                                          
9 The acronym NOOB stands for Non-interlacing, Orientating Orthogonally and Binding [22] 
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the aim of the current work is to understand the effect of fibre architecture on the overall 
performance. This is one of the reasons why the 2D composite is chosen in this case for 
comparison. Since both the 2D and 3D composite here have fibre volume fractions in similar range, 
this enables us to have a fair comparison of performances of two different architectures.  
 
The 2D carbon fibre composite had constituent properties as close to those of the 3D noobed 
composite as possible. A cross-ply composite comprising 66% by volume IM7 fibres in a Hexply 
8552 matrix was manufactured from prepregs supplied by Hexcel composites (ply thickness 
125 μm). Unlike the 3D noobed composite, 45 mm thick laminated composites typically are not 
manufactured from prepregs but in order to mimic the 3D composite as closely as possible, we 
constructed a 25 mm thick composite sheet with lay-up (0/90)100. The mechanical properties of 
this standard laminate are well established; see for example the Hexcel datasheet [24] and Russell 
et al.[25]. We use a Cartesian co-ordinate system for the laminated system such that the 𝑍-direction 
is perpendicular to the plane of the plies and the 𝑋 and 𝑌-directions are aligned with the fibre 
directions in the cross-ply composite. 
 
 
5.3 Experimental protocol and measurements 
The aims of the experimental study are (i) to measure the indentation response of the 3D noobed 
composites; (ii) investigate the deformation/failure mechanisms; and (iii) contrast the performance 
of the 3D composite with cross-ply laminated composite. We first describe the measurement 
protocols and then proceed to discuss the observations. 
 
5.3.1 Measurement protocol 
Back-supported indentation of the noobed composites in the 𝑋 and 𝑍-directions was carried out 
on cuboidal specimens of dimension ~45 mm×45 mm×20 mm (the blocks were 20 mm in the 𝑋 
and 𝑍-directions for indentations carried out in those respective directions).  Since the 𝑌-direction 
is equivalent to the 𝑋-direction, results in only one of these directions are presented. The specimens 
were cut from the infused noobed composite blocks first with a diamond band-saw and then milled 
to the final dimensions to ensure parallel sides. Indentation was carried out in a screw-driven test 
machine using a hardened steel, flat-bottomed circular indenter of diameter 𝐷 = 8 mm. The 
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indenter diameter was chosen so that at-least two 𝑍-direction tows were aligned along the diameter 
of the indenter for indentation in the 𝑍-direction (since the cross-section of the 𝑋-direction tows is 
smaller, at-least nine 𝑋-direction tows lay along this indenter diameter for indentation in the 𝑋-
direction). It is important to have multiple number of 𝑍-direction tows under the indenter to 
measure the indentation performance of the composite along 𝑍-direction. In the present study 
about two 𝑍-direction tows were present in the diametric line of the indenter. In case of indentation 
of much higher number of z-direction tows, size-effects might come into picture which is a topic 
of future study. The indentation was performed at the centre of the 45 mm×45 mm cross-sectional 
area of the specimen with the indentation load 𝑃 measured from the load cell of the test machine 
and the indentation displacement 𝛿 measured via a laser extensometer. The indentation response 
is quantified in terms of the indentation stress 𝜎𝐼 ≡ 𝑃/𝐴 versus the measure of indentation strain 
[26] 𝜀𝐼 ≡ 𝛿/√𝐴 , where 𝐴 = 𝜋𝐷
2/4 is the cross-sectional area of the indenter. All indentations 
were carried out at an applied displacement rate ?̇? = 0.2 mm min−1.  
 
The indentation tests were performed in a periodically interrupted manner to enable XCT 
visualisation of the deformation/damage evolution under the indenter. At high indentation 
displacements, the indenter was embedded in the specimen and could not be removed without 
causing additional damage. In these cases, the XCT was performed with the indenter within the 
specimen and this resulted in relatively poor quality XCT images. In addition to these XCT images, 
high resolution optical imaging of the interior of the specimens immediately under the indenter 
was also conducted at the end of the indentation experiment. The optical imaging involved 
polishing of the specimen to expose the specimen interior and we briefly describe this destructive 
process here. The unloaded specimen was polished with SiC abrasive paper first using a coarse-
grit (P220-P400) until approximately the mid-section of the specimen was exposed. Then, another 
1 mm or so of the specimen was further abraded using a fine-grit (P800-P4000) in order to obtain 
a clean and smooth surface for imaging. In order to maximise the resolution of the images while 
still imaging a large enough area to clearly expose the deformation/failure modes, the imaged area 
was divided into a grid comprising approximately 200 squares. Each of these squares was imaged 
separately and the entire imaged section was then reconstructed by stitching together these sub-
images. 
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Indentation for the cross-ply composites was conducted using the same protocol with indentation 
in the 𝑍-direction carried on specimens of dimension identical to the noobed composites. However, 
recall that cross-ply composite plates were only 25 mm thick in the 𝑍-direction. Thus, indentation 
in the 𝑋-direction was carried out using a half-scale geometrically similar setup compared to all 
the other tests, i.e. both the specimen and indentation dimensions were decreased by a factor of 
two. The deformation/failure of the cross-ply specimens was visualised only using XCT.  
 
5.3.2 Indentation of the noobed composite in the Z-direction 
The measured 𝜎𝐼 versus 𝜀𝐼 response of the noobed composite in the 𝑍-direction is plotted in Figure 
5.1a. After an initial elastic response, the composite displays an approximately linearly hardening 
response. Unloading was performed from the three instants A, B and C marked on the 𝜎𝐼−𝜀𝐼 curve 
in Figure 5.1a (unloading followed approximately the initial elastic slope and thus the unloading 
curves are omitted from Figure 5.1a for the sake of clarity). XCT images of a section of the 
specimen after unloading from A, B and C are shown in Figure 5.1b. These images are of sections 
lying in the diametrical plane of the indenter and show views of the 𝑋 − 𝑍 plane. At the onset of 
nonlinearity (A) nearly no permanent deformation or failure is observed. Further along the 
hardening curves, shear bands orientated at approximately ±45o to the axis of loading, emanate 
from the edge of the indenter as seen in the images B and C in Figure 5.1b. These bands are 
associated with shearing of the 𝑋-direction tows and kinking within the compressed 𝑍-direction 
tows, although the kinking is not clearly visible within the resolution of the XCT images. The 
optical micrograph corresponding to the XCT image C in Figure 5.1b is included in Figure 5.1c. 
This image shows the deformation immediately under the indenter after unloading from location 
C marked in Figure 5.1a. Multiple and reflected kinks are now clearly visible in the 𝑍-direction 
tows, and the deformation is reminiscent of that observed during uniaxial compression of the same 
noobed composite in the 𝑍-direction (Chapter 4). It is thus instructive to compare the uniaxial 
compression and indentation responses.  
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Figure 5.1: (a) The measured 𝑍-direction indentation (𝜎𝐼 − 𝜀𝐼) and uniaxial compression (𝜎𝑛 − 𝜀𝑛) 
responses of the 3D noobed and cross-ply composites. The inset shows a zoom-in of the early part of the 
loading history. (b) XCT images of the noobed composite showing the deformation under the indenter after 
unloading from locations A, B, and C marked in (a). (c) An optical micrograph of the deformation under 
the indenter of the noobed composite after completion of loading. (d) XCT image of the deformation/failure 
of the cross-ply specimen after completion of the indentation loading. 
 
122 
 
The 𝑍-direction uniaxial nominal compressive stress 𝜎𝑛 versus nominal strain 𝜀𝑛 response of the 
noobed composite from Chapter 4 is included in the enlarged inset of Figure 5.1a since the 
compressive ductility of the noobed composite in the 𝑍-direction was about 10% and hence for the 
sake of clarity it is included in an inset that shows the early part of the indentation response. We 
briefly summarise the compression results of Chapter 4 so as to enable us to contrast them with 
the indentation response measured here. The noobed composite has an elastic response until the 
onset of kinking, and then displays a hardening response when further kinks (some of which zig-
zag) form within the 𝑍-direction tows. Final collapse of the composite occurs by tensile failure of 
the 𝑋 and 𝑌- direction tows via an indirect tension [27] mechanism. In comparing the indentation 
and uniaxial compression responses we emphasize that while it is meaningful to compare the stress 
levels 𝜎𝐼 and 𝜎𝑛, the indentation strain 𝜀𝐼 as defined by Sargent and Ashby [26] is only an 
approximate measure of the strain under the indenter and thus may not be directly comparable to 
𝜀𝑛. Keeping this in mind we observe that the two main differences between the indentation and 
uniaxial compressive response are: (i) the onset of non-linearity associated with the formation of 
the first kink-band in the 𝑍-direction tow occurs at a lower stress level under uniaxial compression 
and (ii) the specimen under uniaxial compression fails at 𝜎𝑛 ≈ 580 MPa while a continued 
hardening indentation response is observed even at an indentation stress 𝜎𝐼 ≈ 1600 MPa. These 
differences are best understood by recalling that under indentation loading the stress state under 
the indenter has a significant hydrostatic component that stabilises the formation of kinks and 
increases the stress level required for the formation of the first kink band. Subsequently, continued 
deformation occurs by the formation of multiple kinks within the 𝑍-direction tow and the shear 
deformation of the 𝑋 and 𝑌-direction tows. The continuing build-up of hydrostatic stress results in 
the high hardening observed under indentation loading.  
 
5.3.3 Indentation of the noobed composite in the X-direction 
The measured 𝜎𝐼 versus 𝜀𝐼 response for indentation of the noobed composite in the 𝑋- direction is 
plotted in Figure 5.2a with the corresponding uniaxial compressive response in the 𝑋- direction 
from Chapter 4 again included in the inset. Now, unlike for indentation in the 𝑍- direction, there 
is negligible hardening with continued indentation occurring at a constant stress 𝜎𝐼 ≈ 1200 MPa. 
Moreover, there is no sign of any significant loss of load carrying capacity even at 𝜀𝐼 ≈ 0.8. The 
contrast with uniaxial compression is dramatic since the noobed composite underwent catastrophic 
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failure at 𝜎𝑛 ≈ 500 MPa with a compressive ductility of about 0.02 for compression in the 𝑋-
direction; see inset in Figure 5.2a. XCT images of the deformation immediately under the indenter 
after unloading from 𝜀𝐼 ≈ 0.8 are included in Figs. 5.3b and 5.3c: these images show views of the 
𝑋 − 𝑌 and 𝑋 − 𝑍 planes for sections lying in the diametrical plane of the indenter. The 𝑍 and 𝑌-
direction tows are seen to undergo large shear strains but the XCT images do not have the 
resolution to clearly show the deformation/failure mechanisms within the 𝑋-direction tows. 
Optical micrographs of the section in Figure 5.2c are included in Figure 5.3 with multiple levels 
of magnification that clearly illustrate the kink bands within the 𝑋-direction tows. Similar to the 
𝑍-direction tows in Figure 5.1c we observe multiple and reflected kink-bands in the 𝑋-direction 
tows. Thus, while the deformation mechanisms for indentation in the 𝑋 and 𝑍-directions are 
similar, the reduced hardening for indentation in the 𝑋-direction is presumably due to the lower 
fibre volume fractions in the 𝑍-direction tows, which makes them easier to shear. We emphasize 
that under indentation loading these shear bands are confined under the indenter and thus do not 
cause catastrophic failure.  
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Figure 5.2: (a) The measured 𝑋-direction indentation (𝜎𝐼 − 𝜀𝐼) and uniaxial compression (𝜎𝑛 − 𝜀𝑛) 
responses of the 3D noobed and cross-ply composites. The inset shows a zoom-in of the early part of the 
loading history. (b-c) XCT images of the noobed composite which show the deformation under the indenter 
after unloading from 𝜀𝐼 ≈ 0.8. (d) XCT image of the deformation/failure of the cross-ply specimen after 
completion of the indentation loading. 
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Figure 5.3: Optical micrograph of the XCT section in Figure 5.2c for the 𝑋-direction indentation of the 
noobed composite. Images at varying levels of magnification are included. 
 
5.3.4 Comparison with the indentation response of cross-ply composites 
Measurements of the 𝑍-direction indentation response of the cross-ply laminates and the 
corresponding uniaxial compressive response are included in Figure 5.1a. Under uniaxial 
compression in the 𝑍-direction, the cross-ply laminates fail by indirect tension [27,28] resulting in 
the elastic-brittle behaviour seen in Figure 5.1a. The indentation behaviour is also dominated by 
indirect tension with the peak indentation and uniaxial compression strength being approximately 
equal (i.e. there is no enhancement of the indentation strength over the uniaxial compression 
strength as observed in the noobed composite). However, under indentation loading there is no 
catastrophic failure. Rather, the failure is progressive with significant load drops associated with 
the failure of plies immediately under the indenter. This is followed by reloading as new 
undamaged plies are compressively loaded by the indenter. Since the plies fail by the indirect 
tension mechanism, they recoil into the surrounding composite during tensile failure, resulting in 
delamination as seen in the XCT image included in Figure 5.1d (this image was taken at the end 
of the loading response shown in Figure 5.1a). Similar behaviour has previously been reported for 
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other cross-ply laminates including ultra-high molecular weight polyethylene composites [27,29]. 
The comparison in Figure 5.1a indicates that the 𝑍-direction indentation responses of the noobed 
and cross-ply composites are similar except that the cross-ply composite has a serrated response 
associated with ply failure while the noobed composite has a relatively smooth hardening curve. 
 
While the cross-ply and noobed composites have reasonably similar 𝑍-direction indentation 
responses, their 𝑋-direction indentation behaviours are markedly different as seen in Figure 5.2a. 
Catastrophic failure of the cross-ply specimen occurs at an indentation strain 𝜀𝐼 ≈ 0.09 while the 
noobed composite exhibits a ductile indentation response with no loss of load carrying capacity 
even at 𝜀𝐼 ≈ 0.8. The failure of the cross-ply specimen is a result of delamination that emanates 
from the indented region as seen in the XCT image in Figure 5.2d. This delamination is thought to 
be triggered by kink-band formation in the plies with fibres aligned along the 𝑋-direction. This 
hypothesis is consistent with the observation that the peak 𝑋-direction strength and corresponding 
uniaxial compression strengths of the cross-ply composites are approximately equal; see 
Figure 5.2a. 
 
The comparisons between the indentation responses of the noobed and cross-ply composites 
suggest that the noobed composites perform at-least on-par with cross-ply composites in the 𝑍-
direction but have a greatly superior response in other directions. The isotropy and absence of 
delamination in the indentation performance of the 3D noobed composites is expected to make 
them attractive for application in impact and ballistic protection applications where the direction 
of loading is uncertain and spall resistance is an important requirement. 
 
 
5.4 Finite element modelling of the indentation response 
In order to better understand the experimentally observed deformation and failure modes of the 
noobed composites, FE calculations of the indentation responses in the 𝑍 and 𝑋-directions were 
performed. The discrete microstructure comprising fibres and matrix is not modelled explicitly. 
Rather, we use the material model developed in Chapter 4 which was shown to capture the uniaxial 
compressive response with reasonable fidelity. In this approach, the noobed composite was 
modelled as a two-phase material comprising the 𝑍-direction tows within a homogenised matrix 
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that represents the smeared-out properties of the matrix pockets along with the 𝑋 and 𝑌-direction 
tows. Both materials are modelled as anisotropic elastic, perfectly plastic materials with the 
anisotropic plasticity described by the Hill [30] anisotropic plasticity model. The details of the 
model and calculations of material properties are given in Chapter 4.  
 
5.4.1 Description of the boundary value problem 
The finite element (FE) calculations were performed using the commercial FE package ABAQUS. 
In order to reduce the size of the computation, cubic specimens comprising a grid of 16×16 𝑍-
direction tows were employed (Figure 5.4a). In these specimens, the 𝑍-direction tows had cross-
sectional dimensions 1.25 mm × 1.25 mm and were arranged in a cubic grid with a centre-to-
centre tow spacing of 3.06 mm consistent with the unit cell sketched in Figure 4.2b. The same 
specimen was used for both the 𝑍 and 𝑋-direction indentation calculations with the specimen 
discretised using 8-noded linear brick elements (C3D8R in the ABAQUS notation) of size ~ 0.05 
mm. Perfect bonding was assumed between the homogenised matrix and the 𝑍-direction tows but 
an imperfection to trigger the formation of a kink-band was introduced into the 𝑍-directions tows 
(this imperfection influences the predictions of the 𝑍-direction indentation response but has 
virtually no effect on the 𝑋-direction indentation behaviour). The imperfection is sketched in 
Figure 5.4b and comprised a region within which fibres were assumed to be misaligned. This 
imperfect region was located at mid-height in all the 𝑍-directions tows, had a width 𝑤 = 200 μm 
and was inclined at an angle 𝛽 = 20o with respect to the 𝑋-direction. The misalignment was 
specified by rotating the principal axes of the material anisotropy such that the material 𝑍-direction 
was at an angle ?̅? = 5o with respect to the global 𝑍-direction in the 𝑋 − 𝑍 plane as shown in 
Figure 5.4b. Such a prescription of the initial imperfection to initiate a kink-band is commonly 
employed [31,32] and consistent with a range of experimental observations [33]. Note that 
imperfections are included in all 𝑍-direction tows. The FE mesh pattern for 𝑍-direction tow and 
homogenized matrix was similar to that in Chapter 4 and was such that the misalignment in 𝑍-
direction tow had at least 4 elements across its width (Figure 4.13e).  
 
The boundary conditions for simulating indentation were as follows. Employing symmetry of the 
problem we analysed a quarter of the specimen and employed symmetry boundary conditions on 
two perpendicular planes that intersect along the axis of the cylindrical indenter; see sketch in 
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Figure 5.4a for the setup for simulating the 𝑍-direction indentation response. Displacements in the 
direction of indentation were completely restrained on the bottom of the surface of the specimen 
with the specimen sides specified to be traction-free. The circular flat-bottomed indenter was 
modelled as a rigid body with the general contact option in ABAQUS used to model contact 
between the indenter and the specimen. Loading was specified by applying an indentation 
displacement to the indenter: the applied displacement and resulting work-conjugate load were 
used to define 𝜀𝐼 and 𝜎𝐼 in a manner analogous to the experiments. The FE analysis was conducted 
using the large deformation/non-linear geometry option. 
 
 
 
Figure 5.4: (a) Sketch of the quarter specimen used in the FE analysis of the 𝑍-direction indentation. (b) 
An illustration of the geometric imperfection included in the 𝑍-direction tows.  
 
5.4.2 Numerical predictions of the indentation response 
Predictions of the 𝑍 and 𝑋-direction indentation responses of the noobed composites are included 
in Figs. 5.6a and 5.6b, respectively. First consider the case of indentation in the 𝑍-direction. The 
maximum applied displacements in the FE calculations corresponded to an indentation strain 𝜀𝐼 ≈
0.3 as mesh distortion prevented the FE calculations from being carried out any further. Excellent 
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agreement is observed between measurements and predictions over the range of displacements 
computed in the FE analysis including an accurate prediction of the onset of non-linearity and the 
subsequent hardening rate. Corresponding predictions of the deformation modes under the indenter 
at instants P, Q, and R marked in Figure 5.5a are shown in Figure 5.5c. In Figure 5.5c we show 
contours of the plastic strain 𝜀𝑍𝑋
𝑝
 on a plane that sections the specimen along the 𝑋 − 𝑍 diametrical 
plane of the indenter. Here we see that very early in the deformation history (P) a kink-band has 
formed in a centrally located 𝑍-direction tow with the development of plasticity at the edge of the 
indenter. However, this plasticity causes no significant non-linearity in the overall indentation 
response. Multiple and reflected kink-bands within the 𝑍-direction tows developed with continued 
indentation and at the end of the calculation (R) we see extensive zig-zagged kink-band formation 
along with bands of plasticity, reminiscent of the shear bands seen in Figure 5.1c, emanating from 
the edges of the indenter. 
 
On the other hand, the results in Figure 5.5b show that the FE calculations grossly under-predict 
the 𝑋-direction indentation strength. The associated predicted deformations at points L, M and N 
marked in Figure 5.5b are shown in Figure 5.5d. The deformations here are shown on a section 
through the specimen along the 𝑋 − 𝑌 diametrical plane of the indenter with contours of the plastic 
strain 𝜀𝑋𝑌
𝑝
 included in Figure 5.5d. The FE calculations correctly predict the development of shear 
bands emanating from the edge of the indenter that shear the 𝑍-directions tows. However, the 𝑋 
and 𝑌-direction tows are not explicitly modelled here and thus the approach does not include 
predictions of kink-bands in the 𝑋-direction tows as seen in Figure 5.3. We associate the poor 
fidelity of the FE model of Chapter 4 in this case to the fact that the 𝑋-direction tows are not 
explicitly modelled, i.e. this study suggests that a more comprehensive model which explicitly 
includes tows in all directions is required to capture the full multi-axial response of the noobed 
composites. 
 
 
5.5 Concluding remarks 
The quasi-static indentation response of a 3D noobed (the acronym NOOB stands for Non-
interlacing, Orientating Orthogonally and Binding) composite comprising carbon fibre tows in an 
epoxy matrix has been investigated. The measurements indicate that the indentation response is 
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ductile with continued indentation occurring by a combination of kink-band propagation in the 
tows aligned with the indentation direction and shearing of the tows in the orthogonal directions. 
Importantly, the response is nearly isotropic with the indentation strength being approximately 
equal in three orthogonal directions. By contrast, the out-of-plane indentation of a traditional cross-
ply carbon fibre laminate occurs by progressive tensile ply failure resulting in a serrated load 
versus displacement curve. Nevertheless, the average indentation strength in this direction is 
approximately equal to that of the 3D noobed composite. However, cross-ply composites 
delaminate when indented in the in-plane direction resulting in an elastic-brittle response.  
 
A finite element (FE) analysis of the indentation response of the noobed composites is also 
presented wherein only one set of tows is explicitly modeled while the other two sets of orthogonal 
tows and the matrix pockets are homogenized into an effective medium. This simplified approach 
accurately captures the indentation response in the direction of the tows that are explicitly modeled 
but under-predicts the indentation strength in the other directions. The modelling study suggests 
that all tows of the 3D composite need to be explicitly considered to capture the multi-axial 
response of these composites with adequate fidelity. 
 
Traditional cross-ply carbon fibre laminates and state-of-the art ultra high molecular weight 
polyethylene composites [34] have a saw tooth indentation load versus displacement curve for 
indentation perpendicular to the plane of the plies. Moreover, these composites are extremely 
brittle with delamination limiting the energy absorption for indentation along the ply directions. 
We have demonstrated here that 3D noobed composites not only have smooth load-displacement 
curves that are reminiscent to those of ductile metals for indentation in all directions, but also 
undergo no delamination. This is all achieved at densities significantly lower than structural metals 
that display equivalent ductility. These noobed composites are thus strong candidates for 
applications such as impact protection where the loading direction is not known a-priori and spall 
resistance is an important requirement.  
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Figure 5.5: Comparison between the measured and FE predictions of the (a) 𝑍-direction and (b) 𝑋-direction 
indentation responses of the noobed composites. The corresponding FE predictions of the deformations 
with distributions of the plastic strain for (c) 𝑍-direction and (d) 𝑋-direction indentation. 
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CHAPTER SIX 
6    Three point bending of 3D non-woven carbon fibre composite 
 
Synopsis 
The three-point bending response of the 3D non-woven carbon fibre/epoxy composite is measured 
for three directions of loadings: (i) X-direction, parallel to X direction tows (XZ plane), (ii) Y-
direction, parallel to Y direction tows (XY plane), and (iii) Z-direction, parallel to Z direction tows 
(ZX plane). The deformation/failure modes are analysed using the X-ray tomography technique. 
The specimens tested along X and Y directions show an initial linear-elastic response, followed 
by a gradual reduction in the stiffness due to formation of kinks within the tows in compression. 
Failure occurs when the bottom tows (aligned with the span of the beam) fail in tension. In contrast, 
the initial elastic response of the Z-direction specimen is followed by a gradual softening due to 
formation of cracks in matrix pockets and X-direction tows, which meander extensively across the 
various interfaces before final fracture occurs by tensile failure. This leads to a higher displacement 
to failure of the Z-direction specimen.  FE simulations were carried out to understand the response 
of the noobed composite under bending. This involved explicit modelling of the Z-direction tows 
whereas the rest of the constituents were homogenised as a single effective medium. While this 
FE model is able to accurately predict the initial stiffness of the beams, it is unable to capture 
delamination within the layers, thus over-predicting the load-displacement response.  
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6.1 Introduction 
Current study deals with three-point bending response of the 3D non-woven carbon fibre/epoxy 
composite. Three-point bending gives the response of a material subjected to a rather complex 
loading through compression on one side, tension on other side as well as shear depending on the 
structural regime of the specimen which is determined by span-to-thickness ratio of the beam. 
Three-point bending tests on short beams can give an estimate of interlaminar shear strength 
mainly in case of unidirectional composites [1]. This chapter is organized as follows: brief 
description is given for measurement protocol of three-point bending response of the composite. 
Due to orthotropic nature of the material, three-point bending tests in three orthogonal directions 
are performed and the deformation/failure mechanisms are studied through XCT imaging. The 
focus has mainly been on observing and understanding the deformation/failure modes rather than 
forming a complete mechanism map across a wide range of span-to-thickness ratios. Finally, finite 
element (FE) calculations are reported with individual tows represented as anisotropic continua.    
 
6.2 Measurement of three-point bending response  
The aim of this experimental study is to measure the response of the 3D noobed composite under 
three-point bending and investigate the deformation/failure mechanisms, by building upon the 
understanding of compression and indentation from Chapters 4 and 5, respectively. Typical 
collapse mechanisms in sandwich beams with composite faces include [2,3]: (i) core shear, 
wherein the core collapses in shear even as the facesheets continue to bend elastically, (ii) 
microbuckling, when the axial stress within the top facesheet (in contact with the loading roller) 
attains the microbuckling strength, and (iii) elastic indentation, wherein the top facesheet (under 
compression) collapses via a local elastic instability while the core yields in compression. The 3D 
noobed composite is relatively new and has several levels of sizes ranging from size of fibres and 
tows to size of a smallest unit cell. Therefore, the tests conducted here did not strictly follow ASTM 
standards but rather the choice to geometry was in order to gain an initial understanding of 
deformation mechanisms while ensuring sufficient number unit cells are present in the test sample. 
We first discuss the experimental protocol and then proceed to discuss the observations of three-
point bending responses.  
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Figure 6.1: Experimental set-up along with specimen geometry for thee point bending (Case X).  
 
6.2.1 Experimental protocol 
Tests were conducted to measure the three-point bending response of a noobed composite for three 
cases of loading: 
(i) Case Z, in which the Z-direction tows are in loading direction and X-direction tows are aligned 
with the span of the beam.  
(ii) Case X, in which X-direction tows are aligned with the loading direction and Z-direction tows 
are aligned with the span of the beam (see Figure 6.1); (the thickness 𝑑 in this case is taken at least 
9.18 mm which is the width of three Z-direction tows along with their corresponding repeating 
neighbouring material.), and 
(iii) Case Y, in which the Y-direction tows are in loading direction and X-direction tows are 
aligned with the span of the beam. 
The specimens used were cuboidal with a span length 𝐿, overhang length, 𝑠, thickness (in loading 
direction) 𝑑, and width 𝑏 as shown in Figure 6.1. The matrix pockets of the specimen are not 
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shown for clarity. The specimen was simply supported on two cylindrical reaction rollers and was 
loaded by a cylindrical loading roller, each of radius 𝑟. For each of loading (in X, Y and Z), 
multiple values of 𝐿/𝑑 were tested. Lower 𝐿/𝑑 typically corresponds to shear dominated 
deformation whereas higher 𝐿/𝑑 (> 6) corresponds to bending dominated deformation. Since 
three-point bending experiment involves tension of the specimen on the outer side and 
compression of the specimen on the inner side along with shear to pure bending regimes while 
going from lower to higher value of 𝐿/𝑑, this is a good way to measure the response of a material 
in fairly complex loading conditions. For all the experiments performed herein, it was ensured that 
thickness 𝑑 spans across at least two tows which are aligned along the span. In all experiments, 
the ratio of roller radius (𝑟) to span 𝑟/𝐿was kept fixed at around 0.09. The specimens were first 
cut to approximately the correct size using a diamond edged band-saw and then milled down to 
their final dimensions to ensure parallel edges. Loading was performed in a screw-driven test 
machine at an applied cross-head displacement rate of 0.2 mm/min. The applied load was measured 
via the load cell of the test machine while displacement was measured via a laser extensometer as 
described in Chapter 4. The tests were done in an interrupted manner wherein the specimens were 
unloaded after a specific level of applied displacement and then imaged to observe the 
deformation/failure modes. A non-destructive XCT imaging was performed for all the tested 
specimens. The specimen dimensions for each test are given in the Table 6.1.  
 
 𝐿 𝑑 𝑏 𝑟/𝐿 𝐿/𝑑 3𝐹𝑚/4𝑏𝑑 
Z-direction 
(Case Z) 
46 10.5 11 0.09 4.4 32.5 
60 8 10.3 0.07 7.5 31.9 
69 4.5 12.5 0.09 15.3 21.3 
X-direction 
(Case X) 
39 5.5 10.6 0.09 7.1 28.3 
40 10 10 0.09 4 33.8 
Y-direction 
(Case Y) 
69 6 7 0.09 11.5 22.5 
46 11 7.5 0.09 4.2 36.9 
 
Table 6.1: Dimensions of specimens (in mm) used in three-point bending experiments in all three directions 
of the noobed composite along with measures of interlaminar shear strength (in MPa). 
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6.2.2 Case Z: Loading in the 𝒁-direction  
The measured force vs displacement response for case Z is plotted in Figure 6.2(a) for three 
interrupted tests performed on a specimen of 𝐿/𝑑  = 4.4. The XCT images taken after each 
interrupted test are shown in Figure 6.2(c,d,e)10. Two different sections around the middle of the 
specimen are shown for each test in Z-X plane to show the deformation patterns involving Z-
direction tows as well as X-direction tows.  
 
Figure 6.2: (a)Experiment and simulation curves for three-point bending in Z-direction of specimen having 
𝐿/𝑑 of 4.4. (b) Contour plot of plastic strain 𝜀𝑋𝑍
𝑝
 corresponding to point marked in (a). XCT images showing 
deformation/failure patterns at two sections of specimen in X-Z plane for (c) first, (d) second and (e) third 
interrupted tests.  
                                                          
10 Note that two sections in X-Z plane had to be shown since any one section can only show three out of the 
four phases (matrix pockets and three types of tows) of material present in the composite. For same reason, 
two sections are shown in other XCT images of other figures as well. 
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In interrupted test 1, unloading was done after about 1.5 mm of roller displacement, coinciding 
with the onset of nonlinearity in the force-displacement response. This non-linearity can be related 
to the formation of kinks/microbuckles in the X-direction tows in the top-most layer along with 
shear cracking in the matrix pockets, as seen from Figure 6.2(c). Since the top layer is under 
compression and the compressive microbuckling strength is smaller than tensile failure strength, 
formation of kinks is the first mode of inelastic deformation, in line with Cox et al. [4]. The Z-
direction tows, however, show no permanent deformation.  
The force-displacement response plateaus at around 5000 N for the 2nd interrupted test which was 
unloaded after a roller displacement of about 3 mm. A higher density of cracks is observed on the 
top X-direction tows: these cracks form after propagating from the kinks formed in 1st interrupted 
test, as seen from Figure 6.2(d). The shear cracks in the matrix pockets have propagated through 
more layers. In some cases, they deviate at interfaces and propagate as delamination cracks. These 
deformation mechanisms account for higher sustainability of the applied strain resulting in a 
ductile global behaviour 11. On the tensile side, a portion of the bottom-most layer is delaminated 
after it fractures, indicating that the tensile failure strain of the outer X-direction tows has been 
reached. The section having Z-direction tows is undamaged for the most part, except for the shear 
cracks which form at a few locations.  
The 3rd interrupted test was performed at a much higher roller displacement of about 5 mm. The 
shear cracks in the section containing X-direction tows have propagated much deeper into the 
thickness of the specimen (in Z-direction) with many of them deviating to form delamination 
cracks, as seen from Figure 6.2(e). Also, other shear cracks have been formed away from the 
loading roller. The outer/tensile side of the specimen shows multiple layers of delamination, with 
the bottom-most layer failing in tension. In the section containing the Z-direction tows, there have 
been more propagation of the shear cracks through the matrix pockets. However, this section is 
still intact for the most part, thereby providing high resistance to the applied load. In some cases, 
the shear cracks get arrested at the interface with the Z-direction tows, consistent with the 
observations made by Walter et al [5] for 3D glass fibre epoxy composites. Overall, the specimen 
has a high displacement to failure due to (i) crack deviation or arrest at interfaces, and (ii) stability 
                                                          
11 Thus, stabilized propagation and deviation of shear cracks can also result in ductile deformation in three-
point bending as opposed to only shearing mechanism being responsible for ductility as discussed by 
Daniels et al [6]. 
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provided by the Z-direction tows. It is speculated that such mechanism would contribute highly 
towards impact resistance as well.  
Additional tests for load case Z were performed for higher values of 𝐿/𝑑 to investigate effect of 
span to thickness ratio on deformation mechanisms. Figure 6.3 shows the force-displacement curve 
and XCT images of the deformation/failure patterns in a specimen having 𝐿/𝑑 of 15.3. Three 
interrupted tests were done for this case, and the observations for each test are described below. 
In the first interrupted test, during which the response is mostly elastic, initiation of kink on top 
layer X-direction tow was observed, see Figure 6.3(b). More kinks form especially in the X-
direction tows below the top layer during second interrupted test, as seen in Figure 6.3(c). In the 
third and final interrupted test, delamination in the outer layer is observed, see Figure 6.3(d); this 
makes the specimen further weaker.  
Although overall the deformation sequences are similar to the case of 𝐿/𝑑 = 4.4, there is relatively 
less number of shear cracks in the matrix pockets; this is expected due to its higher value of 𝐿/𝑑 
where the deformation response becomes bending dominated.  Also, higher 𝐿/𝑑 makes the 
specimen relatively weaker with lower displacement to failure due to bending dominated 
deformation.  
6.2.2.1 An estimate of the interlaminar shear strength 
The load corresponding to failure (or plateau) of each of the specimens tested above can be used 
to estimate a measure of the interlaminar shear strength (ILSS) of the composite specimen as 
follows. The ILSS is typically of the form [5,6]:  
 𝜏𝑚 =
3𝐹𝑚
4𝑏𝑑
, (6.1) 
where 𝜏𝑚 is the maximum longitudinal shear stress in the specimen, 𝐹𝑚 is the maximum load 
observed during the test, 𝑏 and 𝑑 are specimen width and thickness respectively. This expression 
doesn’t necessarily represent the strength of the material but rather used to get a relative 
performance comparison (in terms of peak load) between the specimens tested in this study. The 
values of ILSS as obtained from Eq. (6.1) are tabulated in Table 6.1 for the various test specimens. 
A general trend is observed: higher 𝐿/𝑑 correspond to lower value of the ILSS. This is in 
accordance with the fact that bending dominated specimens are usually weaker (in terms of peak 
load) compared to the specimen with shear dominated response.  
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Figure 6.3: (a)Force-displacement curves of three-point bending tests in Z-direction done on specimen 
having 𝐿/𝑑 ≈ 15. XCT images showing deformation/failure patterns at two sections of the specimen in X-
Z plane for (b) first, (c) second and (d) third interrupted tests.   
 
6.2.3 Case X: Loading in the 𝑿-direction  
Tests on two different specimens are discussed here for load case X in which the Z-direction tows 
are aligned with the span: (i) specimen A which has two Z-direction tows along the thickness and 
(ii) specimen B which has three Z-direction tows along the thickness i.e, the X-direction. First, we 
discuss the results from the tests conducted on specimen A.  
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Figure 6.4: (a) Force-displacement curves of three-point bending tests in X-direction done on specimen 
having 𝐿/𝑑 ≈ 7. XCT images showing deformation/failure patterns in the specimen in (b)first interrupted 
test. (c)Left and (d) right portions of the specimen after failure after second interrupted test.   
The force-displacement curve for interrupted tests conducted on the specimen A is shown in Figure 
6.4. This specimen had span to thickness ratio, 𝐿/𝑑 of 7.1. This was approximately the highest 
value of 𝐿/𝑑 possible in case X specimen since 𝐿 in this case has upper limit of around 40 mm. 
This is because the noobed block provided by the manufacturer had maximum dimension of 
around 44mm along Z direction. In the first interrupted test, the specimen was loaded to about 
2000 N. This corresponded to some non-linearity in the load curve. The XCT image in the mid-
section of the specimen shows formation of kink bands on the Z-direction tow on the compressive 
side of the specimen.  
We know from simple beam theory that the load P corresponding to maximum compressive stress 
on the top layer, 𝜎𝑏 is given by: 
 𝑃 =
2𝜎𝑏𝑏𝑑
2
3𝐿
, (6.2) 
where 𝐿 is the span of the beam, 𝑏 is the width, and 𝑑 is the thickness of the beam cross-section. 
Upon substituting the value of microbuckling stress (obtained in Chapter 4) for 𝜎𝑏, as 𝜎𝑏 ≈
300𝑀𝑃𝑎 and 𝐿 = 40𝑚𝑚, 𝑏 = 10𝑚𝑚, 𝑑 = 6𝑚𝑚  in Eq. (6.2), we get 𝑃 ≈ 1800𝑁 which is in 
close agreement with the load corresponding to the initiation of non-linearity in the load-
displacement curve in Figure 6.4. 
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The second interrupted test on specimen A resulted in complete failure of the specimen after 
reaching a small plateau at around 2300N. This sudden load drop corresponds to multiple failure 
mechanisms including:  
(i) rupture of the bottom Z-direction tow which was under tensile deformation,  
(ii) breakage of the top Z-direction tow through the shear zone of kink band formed in first 
interrupted test, and  
(iii) delamination of layers having Y-direction tow and matrix pockets in form of a mode I type 
crack formation (Figure 6.4(c,d)). 
However, the sequence of these failure mechanism is not clear. This is because all of these failure 
mechanisms happened in catastrophic manner and it was not possible to interrupt the test during 
that period. After the formation of kinks in the top Z-direction tow it loses much of its load carrying 
capacity rendering the specimen effectively only one Z-direction tow thick. Thus, when its tensile 
failure strain gets reached, it collapses catastrophically. Further controlled tests are required to 
confirm sequence of failures in this case.  
We now discuss the experimental results for specimen B under case X loading. This specimen had 
three Z-direction tows across its thickness with a 𝐿/𝑑 ratio of 4. Four interrupted tests were done 
and the force-displacement curves are shown in Figure 6.5 along with corresponding XCT images 
around the middle section of the specimen below the loading roller. The XCT images are shown 
for two different sections in X-Z plane to give a complete picture of deformation/failure modes in 
all the constituents. First interrupted test (at u = 0.7 mm) was mainly in elastic regime and no 
visible permanent deformation is noticed in the XCT images.  
In the second interrupted test (at u = 1 mm), the load-displacement response is nonlinear until it is 
unloaded at a plateau load value of 4000N, corresponding to a roller displacement of 1 mm. This 
non-linearity was due to initiation of kinks in the top Z-direction tow. In the third interrupted test 
(at u = 2.2 mm) the response plateaus beyond 4500N which corresponds to u=2.2mm.  The XCT 
images show more noticeable kinks in the top Z-direction tow and debonding of X-direction tows 
from its neighbouring segments especially in the tensile side of the specimen. This debonding is 
speculated to be due to lower interfacial shear strength. As the debonding crack grows further 
nearer to the top surface, the effective thickness of the specimen decreases and the effective neutral 
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axis of the cross-section rises to the upper half of the beam thickness. The lower most Z-direction 
tow is seen to have formed a kink, and this more clearly observed in the fourth interrupted test.  
 
Figure 6.5: (a)Experiment and simulation curves for X-direction loading of noobed specimen having 
𝐿/𝑑 ≈ 4. (b, c) Contour plots of plastic strain 𝜀𝑋𝑍
𝑝
 corresponding to the points marked in (a). XCT images 
of deformation/failure patterns in the specimen after (d)first, (e)second, (f)third and (g) fourth interrupted 
tests. (h) XCT image showing the delamination/de-bonding of lower X-direction tow after fourth 
interrupted test.  
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In the fourth interrupted test (at u= 2.5 mm), there is large load drop after some level of plateau 
around 3000N due to tensile breakage of the middle Z-direction tow. A full sectional view in 
Figure 6.5(h) shows delamination of the lower Z-direction tow from its outermost boundary. This 
is due to weak bonding of Z-direction tow with its surrounding material. Because of this 
delamination/de-bonding which occurs around the third interrupted test, the bottom Z-direction 
tow becomes in some way independent of the rest of the specimen which results in eventual 
compressive load along its fibre direction resulting in formation of kink at its middle seen in the 
XCT images in Figure 6.5(f). Because of the delamination of the bottom Z-direction tow and mode 
I type crack at the tensile layer due to the delamination of X-direction tows, the effective thickness 
of the specimen decreases. This explains the lower plateau stress (≈3000 N) in the fourth test than 
the one in the third interrupted test (≈4500 N). Once the middle Z-direction tow breaks in tension, 
the overall failure becomes catastrophic in nature thereby breaking the bottom Z-direction tow in 
the kink plane along with further debonding of X-direction tow.  
 
6.2.4 Case Y: Loading in the 𝒀-direction  
Tests on two different specimens were done for case Y loading which is defined such that the X-
direction tow is in the span length direction: (i)specimen A which had about four X-direction tows 
along the thickness; (ii) specimen B which had about two X-direction tows along thickness. Here 
thickness corresponds to Y-direction. We first discuss the tests on the specimen A in detail.  
The force-displacement curve for case Y bending tests on specimen A is shown in Figure 6.6. This 
specimen had span to thickness ratio, 𝐿/𝑑 of about 4.2. Five interrupted tests were done as shown 
in force-displacement curve in Figure 6.6(a). The corresponding XCT images of 2nd – 5th 
interrupted tests are shown in Figure 6.6(d-g) in two different sections in each case to get 
deformation/failure modes in all phases. The first interrupted test (at u= 0.7 mm) is fully elastic. 
The second test was interrupted after initiation of some non-linearity at around 6000 N (at u= 1.4 
mm). In this case the top most X-direction tow undergoes kinking due to being in the compressive 
side of the bending specimen.  
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Figure 6.6: (a)Experiment and simulation curves for Y-direction loading of noobed specimen having 
𝐿/𝑑 ≈ 4. (b, c) Contour plots of plastic strain 𝜀𝑋𝑌
𝑝
 corresponding to the points marked in (a). XCT images 
of deformation/failure patterns in the specimen after (d)second, (e)third, (f)fourth and (g) fifth interrupted 
tests.  
 
The third interrupted test (at u= 2.2 mm) showed a small but sharp drop in load at about 7000N 
after which unloading was done to perform XCT imaging. This load drop is due to the initiation 
of tensile breakage of the bottom most X-direction tow. Also, some delamination/debonding is 
observed on either side of bottom portion of the Y-direction tow which is right below the loading 
roller. This is because the bottom side is the tensile side of the bending specimen where the tensile 
stress causes debonding to occur. The final failure of the bottom-most X-direction tow corresponds 
to load drop in the fourth interrupted test (u=2.3 mm). This also results in further debonding across 
both sides of the Y-direction tow below the loading roller. At this point the specimen has 
effectively three X-direction tows across its thickness.  
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Similar mode of deformation/failure is also observed in the fifth test (at u= 3.2 mm) in which the 
tensile breakage of the second X-direction tow (from the bottom) results in further load drop to a 
value of 1000 N. Also, the delamination across both sides of the Y-direction tow has increased 
effectively making the specimen having only two X-direction tows across its thickness. Thus, at 
this point the specimen has lost most of its load carrying capacity.  
 
The response curve for case Y bending tests on the specimen B is shown in Figure 6.7. This 
specimen had span to thickness ratio, 𝐿/𝑑 of about 11.5 with 𝐿 = 69 𝑚𝑚 and 𝑑 = 6 𝑚𝑚. Three 
interrupted tests were done and corresponding XCT images for the 2nd and 3rd interrupted tests are 
shown in Figure 6.7(b-d). The first interrupted test was mostly in elastic regime (u = 2 mm) while 
second interrupted test (at u= 3.3 mm) showed initiation of inelastic deformation through 
formation of kinks in the X-direction tow below the indenter. The specimen in the third interrupted 
test collapsed immediately at u = 3.7 mm due to tensile failure of the bottom X-direction tow. The 
top X-direction tow broke along the kink band plane.  
 
 
 
Figure 6.7: (a)Experiment curves for Y-direction loading of noobed specimen having 𝐿/𝑑 ≈ 11.5. XCT 
images showing deformation/failure patterns in the specimen after (b)first interrupted test. (c)Left and (d) 
right portions of the specimen after failure after second interrupted test.   
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In summary, the observed deformation/failure modes across all the three load cases are of two 
types: 
(i) kink band formation on compressive side of the specimen, and 
(ii) tow rupture and/or delamination on the tensile side of the specimen.  
These observations are broadly consistent with Cox et al. [4] for 3D woven composites. One key 
difference however is that in case of 3D woven composites studied by Cox et al. [4], there was 
substantial load drop after the formation of kink bands on the compressive side of the specimens 
with tow rupture causing the final failure. In contrast, the 3D noobed composite tested in case Z 
of the current study showed sustained ductility much after the formation of kinks in the 
compressive side. Also, the arrangement of fibres in the composite with respect to the loading 
direction and with respect to the span plays a significant role on the bending response of the 
composite beam [1]. It is therefore expected that a multiaxial noobed composite would have 
different failure mechanisms than a uniaxial noobed composite, such as the one studied in the 
present work. However, understanding of the response of uniaxial noobed composite will serve as 
a base upon which multiaxial noobed composites with various architectures can be studied and 
contrasted in future.  
 
6.3 Finite element modelling of the three-point bending response 
In order to have improved understanding of the observed deformation and failure modes as well 
as to check the versatility of the finite element scheme adopted in Chapter 4 and 5, FE simulations 
were performed for the three-point bending response of the noobed composite in three loading 
directions: (i) X-direction (referred to as case X), (ii) Y-direction (referred to as case Y) and Z-
direction (referred to as case Z). Symmetry in the geometry and loading allows for modelling only 
half portion of the specimen, as shown in Figure 6.9.  
The repeating unit cell in each of the specimen for simulation is cuboidal with a square cross-
section of side 𝑎 = 3.06 𝑚𝑚 (Figure 6.8(a)) and height/length depending on the actual dimensions 
of specimens in experiments. For example, in case Z simulation of the specimen having 𝐿/𝑑 =
4.4 , 𝐿 = 46 𝑚𝑚 and 𝑑 = 10.5 𝑚𝑚 the height of the unit cell was 10.5 mm which is tessellated 
along X-direction in order to form half of the specimen. Since 𝐿/2 corresponds to 7.5 number of 
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unit cells, the eventual number of unit cells along the span is rounded to 8, the next integer as 
shown in Figure 6.8(b). Same approach is taken in all other simulations.   
 
 
Figure 6.8: (a) Unit cell which is repeated to form (b) half the span length used in simulation.  
As in the case of previous simulations for compression and indentation in Chapters 4 and 5, 
respectively, the Z-direction tow is modelled distinctly as an anisotropic continuum with material 
properties described in Chapter 4, while the X and Y-direction tows along with the matrix pockets 
are modelled by a homogenised anisotropic continuum with material properties as described in 
Chapter 4.  
 
6.3.1 Boundary value problem 
The FE calculations were performed using the commercial package ABAQUS with the unit cells 
of the noobed composite discretised using 8-noded linear brick elements with reduced integration 
(C3D8R in ABAQUS notation). Brick elements of edge length approximately 0.05 mm were 
employed to discretize both Z-direction tow and homogenised matrix; it was found that further 
mesh refinement had no significant effect on the numerical results.  Only one half of the specimen 
was simulated, and symmetry boundary conditions were employed on the centreline of the 
specimen as shown in Figure 6.9. The specimen has thickness 𝑑,  half span length 𝐿/2 and width 
𝑏 into the page. A small overhang (s = 1 mm) was specified for all the geometries modelled in this 
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study. The specimen rested on a reaction roller at its right bottom and was in contact with a loading 
roller at the top-left edge. Both the loading and reaction rollers were modelled as rigid bodies.  
Three-point bending of the specimen was simulated by enforcing displacement boundary 
conditions on the loading and reaction rollers: the reaction roller was fixed in translation and 
rotation, and the loading roller was specified only a downward displacement/velocity with all the 
other degrees of the freedom fixed. A frictionless contact was specified between the 
loading/reaction rollers and the specimen. All the Z-direction tows contained an imperfection 
region of width 𝑤 = 200𝜇𝑚 inclined at an angle 𝛽 = 20° (as detailed in Chapter 4). The FE mesh 
was similar to that in Chapter 4 (Figure 4.13e).  
  
 6.3.2 Numerical results 
Three FE simulations were performed in total, one for each of the load cases. The FE prediction 
for load case Z is shown in Figure 6.2(a). The deformed configuration at a selected level of applied 
displacement as marked in Figure 6.2(a) is shown in Figure 6.2(b) along with the contours of 
plastic strain 𝜀𝑋𝑍
𝑝
 for a section at about half width into the page12. We find from Figure 6.2(a) that 
the FE prediction curve for force vs displacement is in good agreement with the experiment in the 
elastic regime. However, the non-linear zone is over-predicted in FE calculations. This is because 
the formation as well as propagation of cracks across the layers of X-direction tows as shown in 
Figure 6.2(d-e) makes the specimen weaker, which the current FE model does not capture. The 
contour plot in Figure 6.2(b) however predicts formation of shear bands below the loading roller 
which are reminiscent of the shear cracks formed in the matrix pockets shown in Figure 6.2(e).  
FE prediction for case X is shown in Figure 6.5(a) along with contour plots in Figure 6.5(b-c) at 
two different locations marked in Figure 6.5(a). The response in the elastic regime is in reasonable 
agreement with the experimental observation, while the response in the inelastic regime is over-
predicted, by a factor significantly higher than in case Z. This is because in the experiment, the 
lower-most Z-direction tow gets de-bonded from its surrounding material and this no longer 
                                                          
12 This section only contains the homogenised matrix; the sections containing the Z-direction tows 
show no significant deformation in the FE simulation. 
 
152 
 
contributes to the bending resistance of the specimen as a whole. In contrast, a tied contact between 
the Z-direction tow and homogenised material in the FE simulation ensures that the two are always 
perfectly bonded, thereby increasing the load to a value higher than that observed in the 
experiment. A future improvement to this finite element scheme would be to use a suitable traction-
separation law between the Z-direction tow and the homogenised matrix rather than a perfectly 
tied contact.  
Lastly, Figure 6.6(a) shows the FE force-displacement prediction curve for load case Y. Elastic 
slopes in experiment and simulation are in reasonable agreement. There is a load drop at P=8000N 
as a result of compressive yielding of the material beneath the loading roller. This yielding 
observed in the FE calculation is equivalent to kinking of the X-direction tows beneath the indenter 
in a physical experiment. Figure 6.6(b) shows the contours of plastic strain 𝜀𝑋𝑌
𝑝
 within a section of 
the beam at a depth around 3 mm into the page. Following this initial load drop, there is a further 
drop in load for u > 1.7 mm due to tensile yielding within the bottom layer of the specimen, see 
Figure 6.6(c). The tensile yielding observed in the FE calculation corresponds to tensile damage 
within the bottom layer X-direction tow in a physical experiment. Incorporation of delamination 
and other modes of failure within the FE model are expected to improve the predictions, but it is 
beyond the scope of this study.  
 
Figure 6.9: Sketch of the FE model used for three-point bending of 3D noobed composite, along with the 
symmetry boundary condition used for the half specimen.  
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6.4 Concluding remarks 
Three-point bending response of beams made from noobed carbon fibre/epoxy composite is 
reported. Experimental measurements are made for loading in three orthogonal directions (X, Y, 
Z) of the noobed composite. Within the range of specimen dimensions explored in this study, it is 
observed that the bending in Z-direction (case Z) results in a ductile response. This is mainly due 
to arrest of damage at Z-direction tow interfaces along with deviation of cracks at other interface 
boundaries between matrix pockets/Y-direction tows and X-direction tows within the composite, 
which accommodates extra strain without causing global failure.  
The response of the composite beam under loading in the X and Y directions (case X and Y, 
respectively) were similar in terms of observed failure modes. These failure modes involved 
kinking in the tow aligned along the span length on the compressive side followed by tensile failure 
of tow in tensile side or delamination of the tensile side tow from its surrounding material. The 
kinks are associated with attainment of microbuckling stress value observed in compression.  
Finite element (FE) calculations performed with the Z-direction tow modelled explicitly and the 
rest of the medium modelled as a single effective medium predict the elastic response of the load 
cases reasonably well. However, post-elastic response is over-predicted in the FE calculations as 
they are unable to capture the various modes of damage/failure that occur in a physical experiment. 
Two areas of improvement are suggested for future work to accurately predict the full response of 
noobed composite beams under three-point being: (i) modelling all the X, Y, and Z-direction tows 
explicitly in order to capture their interaction, and (ii) incorporating traction-separation laws 
between the different constituents of the composite in order to capture the various failure modes 
across the interfaces.  
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CHAPTER SEVEN 
7    Conclusions and Future work 
 
7.1 Conclusions 
In Chapter 1 the thesis objectives were described as: (i) to understand penetration response of 
confined ceramics, (ii) to study mechanics of a 3D composite having non-woven orthogonally 
oriented fibre bundles in compression, indentation and bending, and to explore its suitability in 
practical applications. The conclusions drawn from Chapter 3 through 6 are summarized below 
with reference to these objectives. Further, directions for future work are recommended in section 
7.2.  
 
7.1.1 Penetration of confined ceramics 
Dynamic penetration of confined ceramic targets by long-rod projectile has been studied using 
finite element (FE) calculations where the ceramic is modelled via a mechanism based constitutive 
model which incorporates fundamental material properties such as strength and toughness. The 
three regimes of penetrations: interface defeat, dwell followed by penetration and penetration with 
short or no dwell has been captured by the model. The calculations suggest that penetration gets 
triggered when the spherical inelastic zone under the projectile grows to a critical size. This 
spherical inelastic zone can be either a plastic or damage dominated zone. The time it takes for 
this critical size of inelastic zone to be established sets the time for which the projectile will dwell 
on the surface of the ceramic target. The so-called fluid structure interaction effect is not essential 
for the three penetration regimes to exist.  
Three sources of size effect in ceramics in form of three material length scales have been identified. 
These are the length scales corresponding to lattice plasticity shock width (ℓ𝑝), granular plasticity 
shock width (ℓ𝑔) and damage averaging length scale (ℓ𝐷). ℓ𝑝 and ℓ𝐷 have been shown to have 
higher impact on size effect compared to ℓ𝑔. At very high strain rates when the lattice plasticity 
becomes rate dependent, high shock width results in larger effect of material viscosity which 
increases material strength which explains the observed size effect.  
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The influence of fundamental material properties such as strength and fracture toughness on the 
penetration performances is studied. Two regimes of impact response have been identified. At low 
strength, fracture toughness has negligible influence and deformation due to penetration is 
plasticity dominated. However, at high strength, microcracking becomes easier mode of 
deformation with toughness having a major effect and strength having a minor effect. In case of 
commonly used Corbit-98 Alumina, it is found out that increasing its strength will have a better 
effect on enhancing penetration resistance as opposed to increasing toughness.  
 
7.1.2 Mechanics of 3D orthogonal non-woven composite 
Mechanical response of a particular configuration of a 3D carbon fibre/epoxy composite consisting 
of non-interlaced carbon fibre tows in three orthogonal directions (X, Y, Z) produced by noobing 
process is studied. Under compression along low fibre volume fraction direction (Z-direction), the 
noobed composite shows relatively high ductility of about 10%. This is due to formation of 
multiple stable kinks in the tows aligned along the loading direction. This was possible due to good 
constraint provided by the surrounding material of the tows aligned along the loading direction. 
The kink bands in this case form at around 2% applied strain. This formation is well predicted by 
well-established microbuckling theories developed for unidirectional composites. However, unlike 
traditional CFRPs, the noobed composite displays subsequent strain hardening with formation of 
multiple zigzag kinks. Eventual loss of load carrying capacity is due to compressive failure of the 
material surrounding the Z-direction tows. Compression in other two directions (X & Y which are 
identical) resulted in brittle failure of the composite at about 2% strain since the above mentioned 
stable kink formation mechanism was absent. This was due to inability of the surrounding material 
of the tows aligned in the loading direction to offer enough constraint. FE calculations with Z-
direction tows modelled as anisotropic continua and rest of the medium as a homogenized 
transversely isotropic medium predict the observed deformation and failure modes along with 
formation of zigzag kinks with reasonable accuracy. Moreover, the FE calculations confirm that 
the eventual failure in compression along low fibre volume fraction direction (Z) is dictated by 
compressive failure of the surrounding material of the Z-direction tows.  
Under back-supported quasi-static indentation, the response of the 3D noobed composite is ductile 
in all three orthogonal directions. This ductile indentation is continued via a combination of 
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propagation of kink bands in the tows aligned with the indentation direction and shear deformation 
of fibre tows aligned orthogonally to the loading direction. These mechanisms are active during 
indentation in all three directions resulting in approximately same indentation strength in all 
directions. In contrast, under out of plane indentation, traditional carbon fibre cross-ply laminate 
deforms by tensile ply failure resulting in serrated load versus displacement curve. However, no 
ductility is observed in case of in-plane indentation of cross-ply laminate with occurrence of 
delamination resulting in an elastic-brittle response.  The same FE modelling scheme using the 
approach in case of compression captures the essential physics for indentation in Z-direction but 
under-predicts the response in other directions due to inability to capture all the deformation 
mechanisms in those cases.  
Under three-point bending performed on beams made of the noobed composite, the response was 
ductile in Z-direction. This was due to arrest of shear cracks at the Z-direction tow interfaces and 
deviation of cracks at other interface boundaries between matrix pockets and X-direction tows. 
This makes the damage more spread out across the beam thereby accommodating extra strains 
without causing global failure. However, the response in other two directions were brittle with 
kink formation on the tows aligned along the span length on the compressive side followed by 
tensile failure of the tows on tensile side of the beams. FE calculations predict the elastic response 
well but overpredict the post-elastic response due to inability to model the delamination across 
various interfaces.  
Overall, the 3D noobed composite studied in this thesis offers potential to be an improvement over 
traditional CFRPs in certain applications. Compressive ductility of 10% along Z-direction with 
reasonably high strength shows its energy absorption capability in compression. Traditional state-
of-the art cross-ply carbon fibre composites and ultra-high molecular weight polyethelene 
composites have saw-tooth indentation load versus displacement response in out of plane direction 
along with extremely brittle response along in-plane direction due to delamination. The 3D noobed 
composite has been demonstrated to have smooth load-displacement curves reminiscent to 
indentation of metal in all three directions. No delamination occurs for a large indentation 
displacement thereby maintaining structural integrity. Moreover, these metal-like responses are 
achieved at densities significantly lower than structural metals that display equivalent ductility. 
Thus, these noobed composites are strong candidates for applications such as:  
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 (i) impact protection where loading direction is unknown a-priori,  
 (ii) where spall resistance is important requirement, 
 (iii) high energy absorption is required along with reusability of the material.  
 
7.2 Future work 
The following recommendations are made for future work:  
(i) Current simulation approach for ceramic impact replaced the projectile with 
equivalent hydrodynamic loading. So, the role of erosion of the projectile on the 
ceramic surface along with the related flow of debris is not modelled and thereby 
some related physics is lost. So, simulation with full modelling of the projectile is 
a topic of future work.  
 
(ii) Only compression, indentation and three-point bending were studied for the noobed 
composite. However, mechanism of deformation in shear and tension remain 
unclear. Therefore, tensile tests and shear tests are required for better 
characterization of the material.  
 
(iii) The current finite element approach to model the noobed composite is relatively 
simplistic. Although it captures most essential physics in compression and 
indentation to some extent, it clearly has room for improvement for modelling 
three-point bending. The physics of deformation such as kink band formation and 
shear in the X and Y direction tows are lost in the homogenized material. Also, the 
interface between all the tows and the matrix pockets are not modelled. So, explicit 
modelling of all tows is a next step to improve. Also ‘tied’ contact between the 
layers will not be able to capture the delamination between several layers as seen 
in three-point bend experiments. So, the modelling of contact needs to be improved 
for example by using a suitable traction-separation law between the tows and matrix 
pockets.  
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(iv) Quasi-static indentation experiments have demonstrated the potential of the noobed 
composite in impact applications. However ballistic experiments such as low or 
high velocity impact tests are needed to confirm its fidelity as an impact protection 
material.  
 
(v) All the experiments done on the noobed composite in Chapter 4 through 6 were 
quasi-static in nature. No strain-rate dependence of the composite is studied. 
Therefore, dynamic experiments to explore its strain-rate dependence is a future 
topic of study.  
 
(vi) The current noobed composite is of a particular configuration (40-40-20) with 20% 
of total number of tows in Z-directions and 40% each in X and Y-direction. This 
relative percentage of tows can be varied to get different configurations of noobed 
composite which are expected to have different properties compared to the present 
composite. Especially, a configuration of 33-33-34 is expected to give more 
isotropic response compared to the present composite. The work done with the 
noobed composite in the current thesis can act as a base upon which other noobed 
composites with several configurations can be studied and contrasted.  
 
 
 
 
